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ABSTRACT 

Thin-film evaporation in solid-liquid-vapor interface has been the focal point of 

engineering research and industrial applications for decades. The objective of this 

dissertation is to systematically investigate the surface-tension (capillary)-driven thin-film 

evaporation in porous media and of a sessile droplet on a solid substrate using 

computational experimental methods. 

In Chapter 2, a mechanical-capillary-driven (hybrid) two-phase loop (HTPL) was 

used as a test platform to study the capillary-driven thin-film evaporation at a system level. 

Deionized water is the working fluid for the HTPL. A computational model for the HTPL 

using a thermal-hydraulic network was developed to predict the steady-state thermal 

performance and the evaporation mode transition in the HTPL. It was found that there are 

three distinctive evaporation modes (flooded, partially flooded, and capillary) which are 

determined by the pressure conditions in the liquid and vapor volumes of the evaporator. 

As the heat input increases, the evaporation mode is shifted from flooded to partially 

flooded to capillary mode. The capillary limit, the maximum heat flux limit of the thin-film 

evaporation, is raised by increasing the mechanical pump flow rate. 

In Chapter 3, a loop thermosyphon as a passive system was used to study the effects 

of the evaporator wick structure and properties on the capillary-driven thin-film 

evaporation. The effects of the evaporator wick base thickness and wick permeability on 

the evaporator thermal resistance and the capillary heat flux limit were numerically 

analyzed. A monolayer wick, which was made of mono-size sintered copper particles 

embedded in a single layer of a wire mesh, was used in the evaporator to lower the thermal 

resistance. The thermophysical and hydrodynamic properties (e.g. thermal resistance and 

permeability) of the monolayer wick for various liquid levels were calculated by 
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computational fluid dynamics (CFD) simulations. A thermal-hydraulic network model of 

the loop thermosyphon was used to study the evaporation mode transition in the monolayer 

wick in the evaporator. The thermal-hydraulic network model was experimentally 

validated by the experimental results for three different evaporator designs employing 

multilayer and monolayer wick bases, and porous and tubular wick posts. The evaporation 

mode transition from flooded to thin-film evaporation was detected by the evaporator 

thermal resistance which is directly related with the liquid level in the monolayer wick base. 

In Chapter 4, an active flow control scheme was developed for the HTPL in an 

effort to control the capillary-driven thin-film evaporation in the evaporator. The relation 

between the capillary pressure head and the evaporation modes was established and used 

for the active flow control. An active flow algorithm was developed to control the 

mechanical pump flow rate to maintain the capillary pressure head in the evaporator 

constant, while operating under varying heat input. It was found that the active flow control 

greatly extends the operating range of the HTPL using the capillary thin-film evaporation 

and significantly reduces the pumping power consumption compared to a constant flow 

operation. The robustness of the active flow control was confirmed by operating the HTPL 

under a dynamic (on-off) heat input cycle along with the active control successfully to 

maintain the capillary pressure head at a preset value without temperature overshooting. 

In Chapter 5, the surface evaporation of a sessile droplet on solid substrates was 

numerically and experimentally investigated. A CFD model was developed to analyze the 

heat and mass transfer for the surface evaporation of a water droplet on solid substrates in 

ambient. The results from the CFD simulations were in good agreement with the 

experimental results for a water droplet evaporation on a hydrophobic-coated silicon 
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substrate. It was found from the CFD simulations that the thermocapillary-driven flow (the 

Marangoni flow) and natural convection play a great role in the droplet evaporation and 

internal liquid circulation in the droplet. The effects of contact angle, thermal conductivity 

of the substrate, and ambient humidity on the droplet evaporation were numerically 

investigated and the results are discussed.  



1 

1 CHAPTER 1: INTRODUCTION 

This thesis discusses the heat and mass transfer through the liquid-vapor interface 

especially focusing on two evaporation processes: the capillary-driven thin-film 

evaporation and the sessile droplet evaporation. 

 

1.1 CAPILLARY-DRIVEN THIN-FILM EVAPORATION 

Over the past few decades, single-phase cooling technologies, such as air cooling 

and liquid pumped systems, have been used to meet the cooling demands for a wide variety 

of industrial and military applications [1]. However, the demanding high power 

applications, such as data center cooling, concentrated solar power plants, and laser diode 

stacks exceeds the capabilities of the single-phase cooling technologies due to the sensible 

cooling: high thermal resistance, high pumping power consumption, and temperature non-

uniformity [2]. Liquid-vapor phase-change cooling technologies have been considered as 

a potential solution to cooling challenges due to its low thermal resistance, less pumping 

power consumption, and excellent temperature uniformity by utilizing phase changes [3]. 

The liquid-vapor phase change is governed by the surface evaporation and 

capillary-driven flow in the thin liquid layer (a.k.a. meniscus) near the contact line (solid-

liquid-vapor phase interface) [4]. The meniscus thin-film evaporation can be found in every 

liquid-vapor phase change process such as surface evaporation in porous wicks, sessile 

droplet, nucleate boiling, and flow boiling as shown in Fig. 1.1-1(a). Three distinctive 

regions (absorbed layer, evaporating thin-film, and intrinsic meniscus regions) [5] in multi-

scale liquid film thicknesses in the contact line area are illustrated in Fig. 1.1-1(b). The 

absorbed layer is a non-evaporating region where the intermolecular-bonding force 
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between the solid and liquid molecules is dominant because of the very thin film 

thicknesses less than 10 nm [6]. The evaporating thin-film region, where the disjoining 

force is dominant, has more than ~100 nm film thickness. With the thin liquid film and 

thus low thermal resistance, evaporation dominantly occurs in the evaporating thin-film 

region. As a result, more than 50% of the total evaporation heat transfer occurs in the 

evaporating thin-film region [7]. The liquid thickness of the intrinsic meniscus region is 

more than ~100 μm. Because of the relatively thick liquid layer, i.e., high thermal resistance, 

less evaporation occurs in this region. The meniscus thin-film evaporation is a complex, 

multiscale transport phenomenon, and the underlying fundamental physics for the liquid-

vapor phase changes used in various two-phase systems [8]. 

 

 
(a) 

 
(b) 

Figure 1.1-1 (a) Meniscus thin-film evaporation (circled) in various liquid-vapor phase 

change processes and (b) the multi-scale liquid film layer near the contact line showing 

qualitative surface evaporation 



3 

 

The capillary-driven thin-film evaporation has been used in various passive two-

phase cooling systems, such as heat pipes, loop heat pipes (LHPs), capillary pumped loops 

(CPLs), for high heat flux applications [9]. The evaporators of the passive systems are 

coupled with porous structures in which a capillary wicking passively maintains a thin-

liquid film during the evaporation providing a very small thermal resistance [10]. The 

practical heat transfer limit of the passive cooling devices is the capillary limit which is set 

by the system pressure drop, capillary pressure head of evaporator wick, and thermo-

physical properties of working fluid [11]. 

 

1.2 MECHANICAL-CAPILLARY-DRIVEN (HYBRID) TWO-

PHASE LOOP (HTPL) 

Active two-phase cooling devices, such as spray cooling, jet impingement, and 

microchannels, can extend the heat flux limitation substantially with an assistance of active 

pumping using external power source [12]. However, the active system requires huge pump 

power consumptions due to high pressure losses in their nozzles and flow channels [1]. The 

high flow rate and high pressure loss conditions also cause maintenance issues such as 

clogging, corrosion and erosion [13]. Also, it is challenging for the active devices to control 

mechanical pumping power to supply adequate amounts of liquid to the heating area for 

varying operational conditions. If the pumped liquid flow exceeds the demand of 

evaporation, excess liquid forms an additional liquid thickness increasing thermal 

resistance for heat dissipation. On the other hand, when the liquid supply is not enough to 

cover the entire heating area, local dryout occurs causing heterogeneous temperature 

distribution and high thermal resistance of evaporator. 
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In order to overcome the challenges for the conventional passive systems, 

mechanical-capillary-driven (hybrid) two phase loop (HTPL) was developed [14-16]. An 

active pumping component (mechanical pump) deals with a long-distance liquid transport 

from a condenser to an evaporator while a passive pumping (capillary action) is only used 

for a short-distance flow (a few millimeters) from a liquid chamber to a porous wick in the 

evaporator. The mechanical pumping component extends the capillary limit by providing 

an additional pumping head to the system and the capillary pumping component enables 

the HTPL to take an advantage of thin-film evaporation process: low thermal resistance 

and passively controlled liquid supply to the evaporator. However, operating 

characteristics of the hybrid system are complicated because of the active and passive 

components interactively affect evaporation condition in the evaporator. 

There have been extensive studies to investigate the operational characteristics of 

the hybrid cooling systems. Park et al. [14, 15] tested a prototype of HTPL having a 

scalable-planar evaporator for varying heat inputs. Liquid-vapor phase separation was 

achieved by inverted menisci on a porous membrane separating the evaporator into two 

sections: liquid and vapor chambers. The evaporator wick and the porous membrane are 

connected by porous posts which are perpendicular to the heating area to ensure scalability. 

Crepinsek and Park [17] experimentally studied the operational characteristics of a HTPL 

for varying heat inputs, system pressures, pump flow rates, and heat sink temperatures. The 

test results confirmed that the heat transfer conditions in the evaporator are significantly 

affected by the pump flow rate as well as applied heat input. They [17] also investigated 

the thermal performance of the HTPL with dual evaporators connected in parallel and 

series under equal and unequal-split heat input conditions. Under a large imbalance of heat 
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inputs between the dual evaporators, the evaporators exhibited a strong coupling showing 

no detrimental temperature disturbance due to a pressure propagation through the 

connected lines. Setyawan et al. [18] experimentally studied the operating characteristics 

of HTPL focusing on transitional behavior between passive only and hybrid (passive and 

active) operations. Jiang et al. [19, 20] investigated thermal performance of a HTPL using 

methanol as a working fluid. Start-up characteristics of the HTPL were experimentally 

studied by varying heat inputs, pumping power, and heat sink temperatures. 

Over the past years, numerous works were performed on mathematical modeling 

of LHPs and CPLs to predict the operating performance of the passive two-phase systems 

[21-26]. Delli et al. [21] developed a numerical model using a nodalization method for a 

thermal and hydraulic network for a LHP with a flat evaporator. Bai et al. [22] developed 

a mathematical model using a nodal network to study a start-up of a LHP. The 

mathematical model predicted the start-up performance under various operating conditions, 

including heat load, and thermal capacity of evaporator and compensation chamber, heat 

sink temperature, and ambient temperature. Wan et al. [23] developed a two-dimensional 

mathematical model for a miniature flat evaporator of a CPL to simulate the heat and mass 

transfer in capillary porous structure, vapor groove, and enclosure wall in the evaporator. 

The model predicted the location and shape of the vapor-liquid interfaces in the evaporator 

wick base and estimated its effect on the heat transfer performance. Chernysheva et al. [24] 

developed a three-dimensional computational model for a heat and mass transfer 

simulation for an evaporator of an LHP. Using a nucleation theory and local superheat in 

the evaporator, a local dryout effect on the boiling performance of the evaporator was 

estimated. Lachassagne et al. [25] presented a steady-state model of a CPL, taking gravity 
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field into account. They reported critical parameters for the CPL design, such as condenser 

position, vapor line size, and wick permeability. Boubaker et al. [26] presented a transient 

model of a CPL using different porous wick designs and various working fluids, including 

acetone, methanol, and ethanol. 

Although much effort has been made to develop numerical models of capillary two-

phase devices, little work was reported for hybrid (mechanical-capillary-driven) two-phase 

loop systems. In Chapter 2, we present a thermal-hydraulic model to study the operational 

characteristics of a HTPL and predict the steady-state heat transfer performance and heat 

flux limits of the evaporator, which were validated by experimental results. 

 

1.3 EFFECT OF MICROSCALE WICK STRUCTURE ON THIN-

FILM EVAPORATION 

Capillary-driven, two-phase cooling devices such as heat pipes, capillary pumped 

loops, and loop heat pipes have been widely used to meet such demanding cooling 

requirements of the electronics [27, 28], which utilize capillary pumping for liquid supply 

and thin-film evaporation in the evaporator of the two-phase systems [29]. The capillary 

pumping in the porous structures (wick) of the evaporator provides a perfect self-balance 

between the liquid supply and demand in the evaporator, resulting in an ideal condition for 

thin-film evaporation using minimum liquid, and therefore low thermal resistance. 

Macro/micro-scale structures of the evaporator wick of two-phase cooling systems have 

huge impacts on the flow resistance, thermal resistance, and capillary limit of heat transfer 

of the two-phase systems. The capillary pumping in the porous structures (wick) of the 

evaporator provides a perfect self-balance between the liquid supply and demand in the 

evaporator, resulting in an ideal condition for thin-film evaporation using minimum liquid, 
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and therefore low thermal resistance. 

There have been extensive studies to investigate various designs of the evaporator 

wicks for the thermal performance enhancement of capillary-driven two-phase devices. A 

microscale model for thin-film evaporation in wick structures was developed by Ranjan et 

al. [30]. Evaporation performance for four different wick geometries, i.e., wire mesh, 

rectangular grooves, sintered particle wicks, and vertical wires were compared. They 

reported that sintered particle wicks have the highest evaporation rate due to the largest 

thin-film area. Hwang et al. [31] studied an optimum wick structure in circular and flat heat 

pipes using a thermal-hydraulic network model, which considers key geometric factors 

such as pore radius, modulated wick pitch, heat pipe radius and stack height. 

Park et al. [14, 15, 32] tested a flat evaporator with sintered-particle wick base and 

posts in a mechanical-capillary-driven (hybrid) two-phase loop (HTPL) which utilizes both 

mechanical (active) and capillary (passive) pumping. The flat evaporator used a short liquid 

supply path and achieved a uniform liquid distribution to the evaporator wick. Lee and 

Park [32] identified distinctive boiling modes (flooded, partially flooded, and capillary) in 

the HTPL evaporator based on the pressures of the liquid and vapor phases in the 

evaporator.  

Min et al. [33] numerically investigated a multi-artery heat pipe spreader (MAHPS) 

which is a columnar vapor chamber heat pipe. The geometric parameters, diameter, 

numbers, and spacing of the arteries in the MAHPS, were optimized using a thermal-

hydraulic network model. Hwang et al. [34] experimentally investigated a MAHPS having 

a monolayer evaporator wick. They reported that the monolayer wick design allows lower 

thermal resistance and the receding liquid level in the evaporator wick causes the boiling 
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mode transition of the MAHPS with varying heat inputs. Later, Kim and Kaviany [35] 

numerically analyzed the heat transfer performance of the MAHPS having the monolayer 

evaporator wick. They obtained the monolayer properties as a function of receding 

meniscus using unit-cell models which was integrated with a thermal-hydraulic network 

model to predict boiling mode transition and capillary limit in the evaporator wick. These 

previous studies have shown that the monolayer wick made of a single layer of spherical 

copper particles have superiority over multilayer wick because of low thermal resistance 

of the minimum thickness of the wick [34-36]. However, they show a poor packing-

homogeneity because of loose-packed regions (defects) due to fabrication difficulty. 

Consequently, the defects likely leads to a premature dryout in the loose-packed regions 

which creates a lower maximum capillary pressure head than that of close-packed regions, 

not to mention difficult numerical analysis of non-uniform and semi-random wick 

geometry and meniscus topology of such a heterogeneous monolayer [35]. 

In Chapter 2, a novel monolayer wick of a single layer of copper wire mesh filled 

with spherical mono-size copper particles and diffusion-bonded together on the copper 

evaporator substrate was used to improve the homogeneity of the evaporator wick topology. 

The wire mesh serves as both a capillary structure and a positioner to orderly place the 

copper particles into the mesh openings. The excellent homogeneity of the monolayer wick 

increases the capillary limit and allows more simple and accurate computational modeling 

of the thermal performance of the monolayer wick evaporator. Boiling mode transition 

(flooded, and thin-film evaporation) due to varying liquid level in the evaporator wick base 

and corresponding variations of the evaporator thermal resistances were experimentally 

and numerically investigated. Three different evaporator designs using multilayer and 
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monolayer wicks, and porous and tubular wick post were tested for the thermal 

performance improvement and design rationale to achieve lower thermal resistance and 

higher capillary limit. 

 

1.4 EFFECT OF ACTIVE FLOW CONTROL OF HTPL ON THIN-

FILM EVAPORATION 

The evaporation mode of pump-assisted two-phase cooling systems can be 

controlled by mechanical pump. Therefore, active flow control schemes are necessary to 

achieve an efficient thermal performance of the two-phase cooling systems. Zhang et al. 

[37] developed an active control scheme for a microchannel system. A micro-scale flow 

oscillation model was implemented for the active flow controller to suppress the dynamic 

pressure-drop instability of the system. An active pump control scheme developed for a 

macro-scale two-phase loop was reported by Zhang et al. [38]. Flow instability margins 

were used as a control factor for the algorithm to alleviate flow oscillations and enhance 

the critical heat flux of the system. Shiha et al. [39] developed an output feedback control 

algorithm for a pumped two-phase flow system. The algorithm controls a mechanical pump 

to maintain an optimal exit quality for achieving a low thermal resistance without a dryout. 

There have been several studies on active flow control schemes for hybrid cooling 

systems. Levêque et al. [40] proposed an active control scheme for an HTPL. The entire 

loop pressure drop was used as a control factor to increase the operating heat load range 

for the thin-film evaporation process. Bejarano and Park [41] developed an active flow 

control scheme to smooth out cold-start operation of an HTPL. A proportional-integral (PI) 

control algorithm was used to mitigate a temperature overshoot and achieve a more stable 

start-up with smaller temperature fluctuations. However, the algorithm assigned a pressure 
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difference between liquid and vapor oulets in an evaporator as a control factor which is a 

rather rough estimation for determining evaporation condition of the HTPL. The ideal 

control factor for the hybrid cooling systems is a capillary pressure head which is a 

fundamental quantity determining the evaporation mode transition in the evaporators. 

This study provides a model-based active control scheme utilizing a real-time 

monitoring of the capillary pressure head in an evaporator wick which is used as a control 

factor to optimize the operating condition of an HTPL. The relation between the capillary 

pressure head and the evaporation mode transitions was investigated for varying operating 

conditions: heat inputs, mechanical pump flow rates, and liquid chamber exit pressures. 

The robustness of the active control scheme was examined by a dynamic on-off heat input 

cycle. 

 

1.5 SESSILE DROPLET EVAPORATION 

Droplet evaporation is an important fundamental phenomenon because it play a 

crucial role in various applications including Spray cooling [42-44], fuel injection into 

combustion engines [45-47], DNA deposition [48-50], drug screening [51-53], and 

molecular assay [54, 55]. The droplet evaporation processes for these types of applications 

are dominated by surface tension rather than gravity deposited on solid substrate. 

The interaction between the solid, liquid and gas phases complicates the 

evaporation process and there are three basic modes of droplet evaporation behavior [56-

59]. First one is the constant contact radius (CCR) mode characterized by the pinning of 

three-phase contact line with diminishing contact angle. Second mode is the constant 

contact angle (CCA) mode with diminishing contact radius unpinned three-phase contact 
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line. And third one is the mixed mode characterized by the reducing contact angle and 

contact radius simultaneously. The main causes determining those modes are thought to be 

contact angle hysteresis which mainly caused by molecular interactions between the liquid 

and solid phases or surface roughness [60].  

 

1.6 MATHEMATICAL MODELING OF DROPLET 

EVAPORATION 

The transient interaction between the liquid and solid phases and the multi-

directional heat and mass transport through the three (solid, liquid, and gas) phases make 

the problem very complicated, and therefore a comprehensive understanding of the 

underlying fundamental mechanisms is critical in utilizing the droplet evaporation process 

in the applications [58]. Numerical and mathematical modeling are very important because 

they can provide more insight by analyzing the transport phenomena between the three-

phases, which are extremely important for understanding droplet evaporation [57].  

Picknett and Bexon. [61] developed an analytic model of the CCA and CCR mode 

of droplet evaporation. The model only considered the mass diffusion effect in the gas 

domain neglecting the heat transfer through the three-phases. Erbil et al. [62] shown that 

the diffusion based model agrees well with the experimental results of the CCR mode of 

n-butanol, toluene, n-nonane, and n-octane droplets on a polytetrafluoroethylene surface. 

Hu et al. [63] developed a finite element method (FEM) model to solve the vapor 

concentration distribution and evaporation flux along the liquid-gas interface of a droplet 

and the numerical model was validated with the experiment and the Picknett and Bexon’s 

diffusion based model [61]. 

While above studies neglected the evaporative cooling effect on the liquid-vapor 
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interface, Dunn et al. [64] provided a more advanced numerical model by additionally 

considering thermal conduction in the liquid droplet and solid substrate. Their model 

agreed better with the experimental results after considering the natural convection on the 

solid-gas interface with a constant convection coefficient. Saada el al. [65] proposed a more 

advanced model upon the model of Dunn et al. [64] by additionally considering heat 

conduction in the gas phase. They found that the needed energy for evaporation is taken 

mainly from the gas phase as the substrate thermal conductivity decreases. 

Deegan et al. [66-68] observed the flow patterns in droplets and explained the flow 

driven by the high evaporation rate near the three-phase contact line produces ring-like 

stains on the substrate so-called “coffee ring” effect. They also noted that the flow field is 

affected by the Marangoni stress driven by the surface tension gradients along the liquid-

gas interface. Hu and Larson [69] studied the effect of the Marangoni stress on the flow in 

an evaporating sessile droplet by a numerical method. Their result shown that the 

Marangoni-driven flow is enhanced as the droplet contact angle increases. They also 

mentioned that the Marangoni-driven flow in water droplet can be suppressed by a surface 

contamination. Ristenpart et al. [70] theoretically and experimentally investigated the 

Marangoni flow in evaporating droplets. They noted that the Marangoni flow sensitively 

depends on the ratio of thermal conductivities of the liquid and substrate. 

Pan et al. [58] developed a comprehensive numerical model considering conjugate 

heat and mass transfer in the three coexisting phases (solid, liquid and gas). Buoyancy-

driven natural convection in the liquid and gas domains are also simulated. They reported 

the natural convection enhanced the evaporation rate by ~2% for the superhydrophobic 

substrate. However, there model did not consider the Marangoni flow effect in the liquid-
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gas interface. Yang et al. [57] developed a transient numerical model for evaporation of 

droplets with fixed contact line based on Arbitrary-Lagrangian-Eulerian (ALE) 

formulation taking in to account the coupled transport process in solid-liquid-gas phases as 

well as the evolution of liquid-vapor interface. They noted that the effect of Marangoni 

flow on evaporation rate at quasi-steady-state was found to be obvious for large contact 

angle while almost negligible for small contact angle. However, their model did not 

consider the natural convection effect in the liquid and gas phases. 

In Chapter 5, we propose a comprehensive numerical model for evaporating 

droplets considering heat and mass transfer between the coexisting three phases. The 

effects of the Marangoni stress and natural convection on the liquid and gas flow field and 

evaporation rate are numerically analyzed. The numerical result is validated with an 

experimental result of an evaporating water droplet on a hydrophobic surface. The droplet 

evaporation process is comprehensively investigated with the numerical model for varying 

parameters: droplet contact angle, substrate thermal conductivity, and ambient humidity. 
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2 CHAPTER 2: MECHANICAL-CAPILLARY-DRIVEN TWO-

PHASE COOLING LOOP: OPERATIONAL CHRATERISTICS 

AND BOILING MODE TRANSITION  

In this chapter, a system level modeling approach is used to study the capillary-

driven thin-film evaporation in a mechanical-capillary-driven (Hybrid) two-phase loop 

(HTPL). A macroscale model (thermal-hydraulic network model) is developed to simulate 

the evaporation mode transition in the HTPL. Three distinctive evaporation modes (flooded, 

partially flooded, and capillary) are identified by calculating the pressure balance between 

the liquid and vapor phases in the evaporator. As the heat input increases, the evaporation 

mode is shifted from the flooded to the partially flooded to the capillary mode with the 

thin-film evaporation. The maximum heat flux limit, capillary limit, is enhanced by 

increasing the mechanical pump flow rate. 

 

2.1 EXPERIMENTAL SETUP 

The schematic of a mechanical-capillary-driven (Hybrid) two-phase loop (HTPL) 

used for this study is shown in Fig. 2.1-1. The two-phase loop consists of an evaporator, a 

condenser, a liquid reservoir, and a mechanical pump [14-17, 41]. The schematic shows an 

integrated design for the condenser and liquid reservoir, which are cooled by a chiller loop 

for simplicity. Subcooled liquid in the liquid reservoir is mechanically pumped to the liquid 

chamber in the evaporator. Only a small portion of the liquid in the liquid chamber is drawn 

through a porous membrane and wick posts into the wick base in the evaporator by a 

capillary action and the rest of the liquid returns to the reservoir via a liquid return line. 

The vapor chamber in the evaporator is a void space confined by the membrane, wick posts, 

wick base, and evaporator wall [Figs. 2.1-1 and 2.1-2(a)]. The liquid drawn from the liquid 
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chamber boils in the evaporator wick base. The generated vapor exits and returns via a 

vapor return line to the condenser which is located above the liquid reservoir [Figs. 2.1-1 

and 2.1-2]. The vapor is condensed and collected and further cooled (subcooled) in the 

reservoir. A heater block embedded with cartridge heaters was used as a heat source (e.g., 

computer chips) for the HTPL. Detailed specifications of the experimental setup are 

reported in the previous work [41]. 

 
Figure 2.1-1 Schematic of a HTPL showing the fluid flow paths between nodes 

 
 (a) (b) 

Figure 2.1-2 Schematics of the (a) evaporator and (b) condenser showing thermal 

resistance network, and heat transfer and fluid flow paths 
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2.2 MATHEMATICAL FORMULATION AND NUMERICAL 

MODELING 

The schematic of the HTPL in Fig. 2.1-1 shows the nodal points used for the 

numerical analysis along the flow paths of the working fluid from the liquid reservoir to 

the evaporator to the condenser to the reservoir. Each nodal point is connected with 

neighbor nodes to form a thermal-hydraulic network. Mass, momentum, energy 

conservation equations were simultaneously solved for each nodal point. The thermal 

circuits for the evaporator and liquid reservoir/condenser are depicted in Fig. 2.1-2(a) and 

(b), respectively. The flow calculation assumed that (i) liquid flow in porous media is 

Darcian and incompressible, (ii) liquid velocity is locally uniform, and (iii) porous media 

have an isotropic structure. 

There are three distinctive boiling conditions in the evaporator: flooded, partially 

flooded, and capillary. First, in the “flooded mode”, the mechanical pumping oversupplies 

liquid through the porous membrane to the wick base, resulting in flooding in the 

evaporator. Due to the excessive liquid, nucleate boiling occurs in the evaporator, which 

has a relatively high thermal resistance caused by a thick liquid layer above the evaporator 

wick base. This flooded condition usually happens as the heat input is low, and thus the 

vapor pressure are low, especially during a cold start. 

Second, in the “partially-flooded mode”, the liquid supply is driven by a 

combination of the mechanical and capillary pumping. As the heat input is increased, more 

vapor is generated, resulting in higher vapor pressure in the evaporator. Once the vapor 

pressure is high enough to initiate the capillary pumping, which pulls the liquid through 

the membrane and wick posts to the wick base, while the mechanical pumping pushes extra 

liquid through the exposed membrane (a portion not covered by the wick posts) and the 
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additional liquid, which drips down directly onto the evaporator wick base, is blown away 

by the vapor flow from the wick base and removed out of the evaporator. 

Finally, in the “capillary mode”, with more heat input, the vapor pressure exceeds 

the liquid pressure in the liquid chamber and only the capillary pumping supplies liquid to 

the wick base, matching the liquid supply with the demand for a thin-film boiling. 

The mathematical formulations used to model the thermal-hydraulic network of the 

HTPL follows. A flow chart showing the calculation procedure and decision criteria for 

numerical modeling is shown in Fig. 2.2-1. 
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Figure 2.2-1 Flow chart for a numerical calculation  
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The mass conservation at a nodal point i in a hydraulic network is calculated by 

0i i

in out

m m+ =  , (2-1) 

where ṁi is the mass flow rate entering or exiting a nodal point i. The liquid supply (ṁp) 

from the liquid reservoir (Node R in Fig. 2.1-1) is pumped by a mechanical pump to the 

liquid chamber (Node 3) in the evaporator, and then is split into two separate paths: one 

(ṁl) to the evaporator (Node 5) to the vapor return line (Node 6) back to the reservoir.; and 

the other (ṁr) to the liquid return line (Node 4) back to the reservoir. 

Depending on the operating modes (flooded, partially flooded, and capillary), three 

different equations are used to calculate the liquid flow rate (ṁl) to the evaporator. First, in 

case of a flooded mode, the liquid preferably flows through the exposed (uncovered by the 

wick posts) area of the porous membrane rather than a flow path from the membrane to the 

wick posts [Fig. 2.1-2(a)]. The liquid flow rate through the exposed area of the membrane 

is computed by Darcy’s law and is given by 

( )3 6( )l m m wp wp

l

l m

K A N A p p
m



 

− −
=

, (2-2) 

where µ l, ρl, δm, Km, Am, Awp and Nwp are the dynamic viscosity and density of water, 

thickness and permeability of the membrane, cross-sectional areas of the membrane and a 

wick post, and the number of posts, respectively. Note that Am-NwpAwp is the exposed area 

of the membrane which are not covered by the wick posts. The permeability of the 

membrane (Km), which is a composite material made of sintered copper particles and 

screens, is measured to be 3.5×10-13m2. The properties and geometric parameters used for 

the analysis are listed in Table 2.2-1. 

.  



20 

Table 2.2-1 Geometric parameters, dimensions, and properties of the HTPL 

Parameter Symbol Value 

Evaporator heater area [cm2] AH 5.76 (=2.4 × 2.4) 

Particle radius [µm] rp 45.8 

Wick post height [mm] δwp 1 

Wick post diameter [mm] dwp 1.6 

Number of wick posts Nwp 60 

Membrane area [cm2] Am 2.73 × 2.73 

Membrane thickness [mm] δm 1.8 

Condenser wall thickness [mm] δss,C 3 

Width for coolant channel [mm] δC 5 

Condensation length [cm] LC 7 

Liquid height in liquid reservoir [cm] LR 7 

Inner radius of condenser [cm] rC 4.9 

Porosity of wick base ɛwb 0.15 

Porosity of wick post ɛwp 0.15 

Permeability of wick post [m2] Kwp 2.6 × 10-13 

Permeability of membrane [m2] Km 3.5 × 10-13 

 

In a partially-flooded mode, there are two liquid supply mechanisms: capillary and 

mechanical pumping. The capillary pressure head in the wick base pulls liquid through the 

membrane and wick posts to the wick base, whereas the mechanical pumping pushes liquid 

to the vapor chamber by a higher pressure in the liquid chamber. In this partially flooded 

mode, the liquid supply to the evaporator is calculated by 

( ) ( )

( )
3 6 3 5

Mechanical Pumping
Capillary Pumping

( ) ( )l m m wp wp l wp wp wp

l ex v

l m l m wp

K A N A p p K N A p p
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+

, (2-3) 
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where Kwp and δwp are the permeability and height of the wick posts, respectively. Note that 

NwpAwp is the total cross-sectional area of the wick posts. It was assumed that the excessive 

liquid supplied by the mechanical pumping is blown away by the vapor flow from the wick 

base and removed out of the evaporator. Correlations for the two-phase flow in the vapor 

line are given in Appendix B in detail. 

Lastly, in case of the capillary mode, only the capillary pumping draws the liquid 

through the membrane and wick posts. The excessive liquid supply by the mechanical 

pumping disappears since the vapor pressure (Node 6) is higher than the liquid pressure 

(Node 3). The mass flow rate through the membrane and wick posts for the capillary mode 

is given by 

( )3 5l

l v

wpm

m m wp wp wp

p p
m m

K A K A N
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= =

 
+  
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The permeability of the wick posts, Kwp [71] is calculated by 

( )

2 3

2

37.5 1
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where rp and εwp are copper particle radius and porosity of the wick posts, respectively and 

their values are listed in Table 2.2-1. 

The evaporation rate (vapor flow rate) in the wick base is given by 

fg

v

fg

q
m

h
=


, (2-6) 

where Δhfg and qfg are the latent heat and heat transfer rate of evaporation, respectively. 

This equation establishes a coupling between the hydraulic and thermal resistance networks. 

In the flooded and partially-flooded modes, the flow rate of the excessive liquid in 

the evaporator is determined by subtracting the vapor flow rate from the liquid flow rate to 
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the evaporator and is given by 

ex l vm m m= − . (2-7) 

Note that in the capillary mode, there is no excessive liquid flow in the evaporator. 

Depending on the boiling conditions - flooded, partially flooded, and capillary - the 

pressure relation between Nodes 5 and 6 [Fig. 2.1-1] is differently expressed, and the 

boiling conditions are determined by a pressure relation in the evaporator. Equating the 

capillary pumping flow term (ṁv) in Eq. (2-3) with Eq. (2-6), the liquid pressure (p5t) just 

below the liquid-vapor interfaces in the wick base (Node 5) and the boiling mode can be 

determined by 

( )
( )

5 6

5 6 3 6

5 3
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5 6 ,max
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 + 
+  +  

= − 
 +   

  +  − 

. (2-8) 

Note that p5t is a temporary value of the liquid pressure at Node 5, which is used to 

determine the boiling mode in the evaporator. Once the boiling mode is determined, the 

actual pressure at Node 5 (p5) is calculated by Eq. (2-9) for the flooded mode, or Eq. (2-9) 

for the partially flooded and capillary modes as below. 

In a flooded mode, with a low heat input and high pressure in the liquid chamber 

(p3), the liquid pressure below the liquid-vapor interfaces [p5t in Eq. (2-8)] is higher than 

the vapor pressure (p6), which means that no capillary pressure head is created in the wick 

base. Therefore, the pressure difference across the liquid-vapor interface is only by the 

pressure drop due to the phase transition Δpev [71] and is given by 

5 6 evp p p− =  . (2-9) 

Details of the pressure drop due to phase transition are described in Appendix A. 

When the evaporator is in either partially-flooded or capillary mode, the liquid 
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pressure below the liquid-vapor interfaces (menisci) is lower than the vapor pressure so 

that the concave menisci in the wick base provide additional capillary pumping head, which 

is given by 

6 5 c evp p p p− =  − , (2-10) 

where Δpc is the capillary pressure head across the liquid menisci in the wick base. The 

capillary pumping pulls the liquid through the membrane and the wick posts to the wick 

base, which should be below the maximum capillary pressure head (Δpc,max), satisfying the 

following pressure relation, 

,max 6 5( )c c evp p p p p   = − +  . (2-11) 

The pressure in the wick base (p5) is given by 

5 3 m wpp p p p= − − , (2-12) 

where Δpm and Δpwp are the liquid pressure drops in the membrane and wick posts, 

respectively. Therefore, the capillary limit is determined by 

,max 6 3( )c c m wp evp p p p p p p   = − +  +  +  ,
 (2-13) 

Details of the maximum capillary pressure head (Δpc,max) are described in Appendix C. 

The thermal-hydraulic network model was developed using the following 

assumptions: (i) local thermal equilibrium between the solid and liquid phases in porous 

media exists, (ii) evaporator wick base is fully saturated with liquid, and (iii) the vapor 

chamber (Node 6 in Fig. 2.1-1), and condenser (Node 8) are in saturation conditions. 

The energy balance in a nodal point i is calculated by 

 =
out

i

in

i EE 

, (2-14) 

where 
in

iE  and 
out

iE  are the total energy going into and coming out of a nodal point i, 
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respectively. The total energy consists of advection, conduction, and convection, and is 

given by 

*
, ,i i i i k i cvE m h q q= + +    , (2-15) 

where the stagnation enthalpy (h*) in the advection term [first term in RHS of Eq. (2-15)] 

is calculated by 

2
*

2

i
i i

v
h h

 
= +   

  , (2-16) 

where h and v are the enthalpy and velocity of fluid flow, respectively. The conduction (qk) 

and convection (qcv) heat transfer rates and respective thermal resistances are given by 

k

k

T
q

R


=

, (2-17) 

cv

cv

T
q

R


=

, (2-18) 

where Rk and Rcv, are the conduction and convection thermal resistances, respectively, 

which are calculated by 

k

L
R

kA
=

, (2-19) 

1
cvR

hA
=

, (2-20) 

where k, L, h, and A are the thermal conductivity, length of the heat transfer path, 

convection heat transfer coefficient and heat transfer area, respectively. 

The thermal resistance network for the evaporator is shown in Fig. 2.1-2(a). Node 

5 (T5) located at the liquid phase just below the liquid-vapor interfaces, is connected with 

the heater node (TH), the wick post node (Twp), and the vapor node (T6). The incoming and 

outgoing energy components for Node 5 are given by 
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5 ,3v l in

in

E m h q= +
, (2-21) 
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where qfg is the heat transfer of evaporation in the liquid-vapor interface, details are 

described in Appendix A. The heat input (qin) is calculated by 

5H
in

wb

T T
q

R

−
= , (2-23) 

where Rt,wb, Rt,wp are the thermal resistances of the wick base and posts, respectively, and 

are given by 

,
wb

t wb

eff H

R
k A


= , (2-24) 

,

0.5 wp

t wp

eff wp wp

R
k N A


= , (2-25) 

where δwb, δwp, AH, Awp and Nwp are the thickness of the wick base and posts; and the heat 

input area of the evaporator; cross-sectional area of the wick post; the number of wick posts, 

respectively. The locations of the nodes and values of the geometric parameters and 

properties of the evaporator wick are in illustrated in Fig. 2.1-2(a) and listed in Table 2.2-

1. keff is the effective thermal conductivity of sintered copper particles, which is saturated 

with water [72], and is given by 

0.280 0.757log 0.057log
Cu

eff w

w

wCuwb
k k

k
k k

k

  
 
 

− −
 

=  
 

, (2-26) 

where kw, kCu, and εwb are the bulk thermal conductivities of saturated water and copper, 

and the porosity of the wick base, respectively. 

The thermal resistance network for the condenser and liquid reservoir is shown Fig. 

2.1-2(b). For Node 8 located in the upper space (condenser) above the liquid reservoir, the 
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energy transfers are given by 

* *
8 ,7 ,7v v ex l

in

E m h m h= + , (2-27) 
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t f fg t ss fg t C fgout
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R R R

−
= + +

+ +
 , (2-28) 

where Rt,f,fg, Rt,ss,fg and Rt,C,fg  are the thermal resistances for falling-film condensation, 

condenser wall and convection heat transfer of coolant flow, respectively. 

 

2.3 RESULTS AND DISCUSSION 

The variables used for the experiment and numerical calculation include heat input 

(Case A), main liquid flow rate (Case B) and heat sink temperature (Case C); the variable 

ranges and values are listed in Table 2.3-1. The baseline values of the heat input, main 

liquid flow rate, and heat sink temperature are 60.8 W/cm2, 5.4 g/s, and 10°C, respectively. 

 

Table 2.3-1 Operating conditions used for the HTPL experiments 

Case name 
Heat input, q̎in [W/cm2] 

(qin [W]) 

Main liquid flow rate, ṁp 

[g/s] 

Heat sink 

temperature, Tc 
[°C] 

Case A 

52.1 (300) 5.4 10 

60.8 (350) 5.4 10 

69.4 (400) 5.4 10 

74.2 (428) 5.4 10 

Case B 

60.8 (350) 5 10 

60.8 (350) 5.4 10 

60.8 (350) 5.8 10 

Case C 

60.8 (350) 5.4 5 

60.8 (350) 5.4 10 

60.8 (350) 5.4 15 
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2.3.1 Effect of heat input 

The effect of the heat input on the operational characteristics of the HTPL are 

shown in Figs. from 2.3-1 to 2.3-5 (Case A in Table 2.3-1). The pressure and temperature 

profiles in the HTPL for different heat inputs (q̎in=qin/AH) are shown in Fig. 2.3-1. Between 

Nodes 1 and 2, the pressure head (Δpp) is created by the mechanical pump, and then the 

pressure is decreased along the flow direction due to viscous friction. It is observed that as 

the heat input is increased, the system pressure is increased. 

 
Figure 2.3-1 Comparison between measurement and numerical results showing the effect 

of different heat inputs (Case A) on pressure and temperature profiles in the HTPL 

 

In Fig. 2.3-1, the temperature is the lowest at the liquid reservoir (Node R in Fig. 

2.1-1) and the highest at the wick base (Node H) of the evaporator where the heat is applied. 

The liquid flow in the liquid chamber (Node 3) is heated over the porous membrane by the 

heat leakage (qleak), which is the heat transfer from the wick base through the wick posts 

and membrane [Fig. 2.1-2(a)]. While the majority of the liquid (ṁr) continues to flow back 

to the condenser through the liquid return line, a small portion of the liquid flows (ṁl) 

through the porous (permeable) membrane and wick posts to the wick base, and then is 
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evaporated by the heat from the heater. The vapor generated in the evaporator (Node 6) 

exits through the vapor outlet and returns back to the condenser via the vapor return line. 

The vapor flow in the vapor line (between Nodes 6 and 7) is assumed in a saturated 

condition where there is a temperature drop corresponding to the frictional pressure loss of 

the vapor flow. Correlations for the frictional pressure loss are given in the Appendix B. 

The vapor is condensed on the condenser wall (Node 8, the upper portion of the 

liquid reservoir) and the condensate flows down by gravity to the liquid reservoir. The 

liquid in the reservoir (Node R) is cooled below the saturation condition (subcooled). As 

shown in Fig. 2.3-1, the experimental and simulation results of the temperature and 

pressure profiles are in good agreement. The differences between the experimental and 

simulation results are less than 3°C, and 3 kPa for the temperature and pressure, 

respectively. 

Fig. 2.3-2 shows the variations of the mass flow rates and pressures in the 

evaporator for different heat inputs and boiling conditions: flooded and partially flooded. 

A capillary mode where the liquid supply and evaporation are balanced with no excessive 

liquid, does not exist for the conditions used in Case A (Table 2.3-1). The required 

conditions for the capillary mode are discussed in Section 4.2. The evaporator is either 

fully or partially flooded, whenever there is an excessive liquid [ṁex > 0 in Fig. 2.3-2(a)] 

due to a positive pressure difference between the liquid chamber (p3) and the vapor 

chamber [p6 in Fig. 2.3-2(b)]. As the heat input is increased, more vapor (ṁv) is generated 

and therefore, the pressure in the evaporator and the vapor chamber are increased, resulting 

in decreases in both liquid supply (ṁl) and excessive liquid flow (ṁex) as shown in Fig. 2.3-

2(a). With the heat inputs below 54 W/cm2, the pressure in the vapor chamber is too low 
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to initiate a capillary pumping (Δpc) [Fig. 2.3-2(b)]. Above 54 W/cm2, a partially flooded 

mode starts, because of a capillary pressure head. In this partially flooded mode, the 

capillary pumping pulls the liquid through the membrane and the wick posts to the wick 

base, although the excessive liquid is still pushed through the exposed membrane area and 

directly dripped down to the evaporator boiling surface. 

 

 
(a) 

 
(b) 

Figure 2.3-2 Variations of (a) mass flow rates and (b) pressures in the evaporator with 

varying heat inputs (Case A) 
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In Fig. 2.3-2(b), when the heat input exceeds 74.2 W/cm2, a local dryout of the 

evaporator occurs where the capillary pressure head [Δpc in Eq. (2-13)] surpasses the 

maximum capillary pressure head (Δpc,max). That is, the capillary pressure head is not high 

enough to raise the liquid pressure in the wick base (p5) to the vapor pressure (p6), which 

is the saturation pressure at the vapor temperature (T6). At the heat inputs of 74.2 W/cm2, 

the capillary pumping (Δpc) maxes out the liquid supply to the demand in the evaporator 

at the maximum capillary pressure head [Δpc,max in Fig. 2.3-2(b)], which sets a capillary 

limit (q̎c,max, a maximum heat input possible by a capillary pumping) of the HTPL. A dryout 

in the wick base occurs whenever the maximum capillary pressure head is surpassed by the 

capillary pressure head (Δpc), resulting in a quickly increasing thermal resistance, and thus 

a temperature runaway. 

It is noteworthy that as seen in Fig. 2.3-2(a), a dryout can occur even in a partially-

flooded mode where an excessive liquid flow (ṁex) still exists. As mentioned in Section 3, 

the present model assumes that the excessive liquid is not counted as the liquid supply to 

the wick base because of a blow-off effect by a strong vapor flow from the wick surface. 

However, it is observed in a real experiment that the excessive liquid would be partially 

splashed on the wick posts and wick base and used as a liquid supply for evaporation. As 

a result, the dryout in the partially flooded mode is not a total dryout but an onset of a “local 

dryout” near the wick posts. 

During an exploratory experiment, the heat input was briefly increased from 69.4 

to 86.8 W/cm2 and such a local dryout was observed, which is often detected by a sudden 

increase in the thermal resistance of the evaporator. This dryout occurs whenever the liquid 

supply can’t reach the entire wick base. The predicted heat input (74.2 W/cm2) for the local 
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dryout is in the heat input range (69.4-86.8 W/cm2) used for an exploratory testing. The 

results from the exploratory experiment are not available, because the test can’t last long 

enough to collect sufficient data due to a potential thermal runaway and permanent damage 

to the evaporator. 

The thermal resistance network [Figs. 2.1-2(a) and (b)] of the HTPL can be 

approximated as a thermal circuit with two parallel branches for heat leakage and phase 

change heat transfer as shown in Fig. 2.3-3. The thermal resistances for the heat leakage 

(Rt,leak) and phase change heat transfer (Rt,fg,tot) are given by 

, , , , , , , , , , ,

Liquid ReservoirEvaporator (Liquid Chamber)

2t leak t wp t m t w lc t w s t ss s t C sR R R R R R R= + + + + + , (2-29) 

, , , , , , , , , ,

Evaporator (Vapor Chamber) Vapor Return Line Condenser

t fg tot t ev t v t f fg t ss fg t C fgR R R R R R= + + + + . (2-30) 

In the simplified network, the following were neglected: (i) advection energy 

transport (ṁh) and (ii) convective heat transfer between the vapor and porous wicks (Rt,v,wp, 

Rt,v,m) in the evaporator. 

 

Figure 2.3-3 Simplified thermal circuit for heat leakage and the phase change heat transfer 

rate 

In Node 5 [T5 in Fig. 2.1-2(a)], the heat input from the heater (qin) is split into two 
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paths: one is used for phase change (boiling) heat transfer (qfg), which is transported by the 

vapor flow to the heat sink [TC in Fig. 2.1-2(b)]; and the other is lost by the heat leakage 

(qleak) to the liquid in the liquid chamber and transported by the liquid flow to the heat sink. 

Therefore, the system thermal resistance of the HTPL from the heat source (TH) to the heat 

sink is given by 

, , ,

, ,

, , ,

t leak t fg totH C
t s t wb

in t leak t fg tot

R RT T
R R

q R R

−
= = +

+
. (2-31) 

The overall energy balance of the HTPL is given by 

in leak fgq q q= +
. (2-32) 

The heat leakage and phase change heat transfer are given by 
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By combining eqs. (2-32), (2-33), and (2-34), the ratio of heat leakage to heat input (qleak/qin) 

is given by 

, ,

, , ,

t fg totleak

in t leak t fg tot

Rq

q R R
=

+
. (2-35) 

Fig. 2.3-4(a) shows the variation of the heat transfer rates of the HTPL with respect 

to the heat input (q ̎in). As the heat input and thus the heat leakage is increased, the ratio of 

the heat leakage to the heat input (qleak/qin) is decreased. This attributed to the result shown 

in Fig. 2.3-4(b) that the thermal resistance of the liquid flow (Rt,leak) remains unchanged, 

but the thermal resistance of the two-phase flow (Rt,fg,tot) quickly is decreased with the 

increasing heat input. More specifically, Rt,v, the thermal resistance of the vapor line 

between the evaporator (Node 6) and the condenser (Node 8), is decreased with the heat 
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input, which is calculated by 

6 8
,t v

fg

T T
R

q

−
= . (2-36) 

The reduction in Rt,v can be explained by a saturation pressure-temperature relation of water.  

 
(a) 

 
(b) 

Figure 2.3-4 Comparison between measurement and numerical results showing the effect 

of different heat inputs (Case A) on (a) heat transfer rates, heat source temperature, and 

(b) thermal resistances of the HTPL 

Fig. 2.3-5 illustrates the temperature-pressure changes between Nodes 6 and 8 for 
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two different heat inputs. For higher heat input (q̎in=74.2 W/cm2), more pressure drop 

(Δp=10 kPa) occurs at less temperature drop (ΔT=12.1°C) as compared with the low heat 

input (52.1 W/cm2), resulting in less thermal resistance (Rt,v) [Eq. (2-36)]. 

 
Figure 2.3-5 Changes in saturation temperature and pressure in the vapor line for 

different heat inputs 

 

2.3.2 Effect of flow rate 

Fig. 2.3-6 shows the effect of the main liquid flow rate (ṁp) of the mechanical pump 

on pressure and temperature profiles in the HTPL (Case B in Table 2.3-1). As the liquid 

flow rate is increased, the pressure in the liquid line (Nodes 1-4) is increased more than 

that of the vapor line (Nodes 6-7). The temperature profile is, however, not sensitive to the 

change in the flow rate. 
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Figure 2.3-6 Comparison between measurement and numerical results showing the effect 

of different liquid flow rates (Case B) on pressure and temperature profiles in the HTPL 

 

The variations of the pressures and heat fluxes of the evaporator with respect to the 

liquid flow rate are shown in Fig. 2.3-7. At higher flow rates above 5.86 g/s, the evaporator 

is flooded by an excessive liquid by the high pressure in the liquid chamber (p3). Below 

5.86 g/s, a capillary pumping (Δpc) starts supplying liquid to the wick base until 4.48 g/s 

where the capillary limit is reached (Δpc= Δpc,max), which is a local dryout. The capillary 

mode, interestingly, does not exist in the heat input (q̎in=60.8 W/cm2) as a baseline 

condition, because the flow rate for the dryout (4.48 g/s) is still in the partially flooded 

condition (p3 > p6). As discussed in the previous section, the pressure balance between the 

liquid and vapor chambers in the evaporator governs the boiling condition. 
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Figure 2.3-7 Boiling mode transition and heat flux limits with varying main mass flow 

rates (Case B) 

 

In order to achieve the capillary mode (p3 ≤ p6), both the heat input and the liquid 

flow rate should be decreased. Fig. 2.3-8 shows the effect of the heat input and pump flow 

rate on the boiling transition. As the heat input is decreased from 60.8 to 33 W/cm2, the 

pressure difference between the liquid chamber (p3) and the wick base (p5) is reduced due 

to the less liquid supply required for boiling heat transfer [qfg in Eq. (2-8)]. The less liquid 

supply reduces the requirement of the capillary pressure head. Consequently, the dryout 

point is extended to the lower flow rate (2.43 g/s) and the capillary mode can exist for the 

low heat input (33 W/cm2) in a flow rate range (2.43 - 2.76 g/s), where the vapor pressure 

is higher than the liquid chamber pressure. This result suggests an important design idea 

for the evaporator that the capillary mode can be achieved by increasing the permeability 

of the wick posts [Kwp in Eq. (2-8)] and the maximum capillary pressure head (Δpc,max), 

which means more permeable wick posts and finer pores in the evaporator wick base. 
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Figure 2.3-8 Transition of boiling modes for different main mass flow rates and heat 

inputs 

 

As mentioned in Section 4.1, the capillary limit (q̎c,lim) occurs when the capillary 

pressure head [Δpc in Eq. (2-13)] reaches to the maximum capillary pressure head for a 

given liquid flow rate. Unlike passive two-phase devices, such as heat pipes, CPLs, and 

LHPs, the HTPL can manipulate the capillary limit and the pressure (p3) in the liquid 

chamber by varying the liquid flow rate as shown in Fig. 2.3-7. 

Beyond the capillary limit, the HTPL encounters an ultimate heat transfer limitation, 

a boiling limit of heat input (q̎b,lim). The boiling limit is the highest heat flux limit of the 

HTPL, which is associated with a nucleate boiling in the wick base, caused by trapped 

bubbles in the wick, blocking the liquid supply and resulting in a dryout [71]. The boiling 

limit can be determined by 

,lim

2eff sat
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wb v fg n
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 = −   

   

. (2-37) 

where rn is the initial radius of the vapor bubbles at its formation and its value is 2.54×10-

7 m for porous wicks made of sintered copper particles [11]. The boiling limit is estimated 

to be 259.8 W/cm2 as shown in Fig. 2.3-7. The boiling limit can be enhanced by increasing 
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the thermal conductance of the wick base (keff/δwb), i.e., thinner wick base with higher 

thermal conductivity. 

2.3.3 Effect of heat sink temperature 

The pressure and temperature profiles in the HTPL for different heat sink 

temperatures (TC) are shown in Fig. 2.3-9 (Case C in Table 2.3-1). 

 
Figure 2.3-9 Comparison between measurement and numerical results showing the effect 

of different heat sink temperatures (Case C) on pressure and temperature profiles in the 

HTPL 

 

In Fig. 2.3-9, the temperature difference between the wick base (TH) and liquid 

chamber (T3) decreases, as the heat sink temperature increases, resulting in less heat 

leakage [Fig. 2.3-10(a)]. Fig. 2.3-10(a) also shows that as the heat sink temperature 

increases from -5°C to 25°C, the heat source temperature (TH) increases by 8.6°C. The 

system thermal resistance (Rt,s), however, decreases by 47% [Fig. 2.3-10(b)], because the 

decreased thermal resistance in the vapor line (Rt,v). Lowering the heat sink temperature is 

not an effective way to decrease the heat source temperature because it significantly 

increases the system thermal resistance.  
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(a) 

 
(b) 

Figure 2.3-10 Comparison between measurement and numerical results showing the 

effect of different heat sink temperatures (Case C) on (a) heat transfer rates, heat source 

temperature, and (b) thermal resistances of the HTPL 

 

The boiling condition in the evaporator can be controlled by the heat sink 

temperature in relation with other operation variables, such as heat input (Case A in Section 

4.1) and pump flow rate (Case B in Section 4.2). With an increase in the heat sink 

temperature, the vapor temperature, and thus the vapor pressure in the evaporator are 
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increased. The increased vapor pressure creates a favorable pressure condition for a 

capillary mode until a local dryout occurs. The heat sink temperature for the local dryout 

is estimated to be 38.3°C. 

 

2.4 SUMMARY 

A mechanical-capillary-driven (hybrid) two-phase loop (HTPL) was numerically 

analyzed using a thermal-hydraulic network model by varying heat inputs, flow rates of 

mechanical pump, heat sink temperatures. The steady-state temperature and pressure 

results from the numerical analysis show good agreement with experimental results. From 

the numerical analysis, three distinctive boiling modes (flooded, partially flooded, and 

capillary) for the evaporator in the HTPL were identified, which can be determined by a 

pressure relation between the liquid chamber, vapor chamber and evaporator wick base. 

The boiling condition is shifted from a flooded to partially-flooded to capillary mode by 

increasing heat input, reducing main liquid flow rate, or increasing heat sink temperature. 

The operating range of the capillary mode, which is a desirable boiling condition with low 

thermal resistances, is extended by reducing the pressure drop in the evaporator wick posts 

and increasing the capillary pressure head in the wick base. Lowering heat sink temperature 

increases the system thermal resistance of the HTPL, especially the thermal resistance in 

the vapor line. By increasing the main liquid flow rate and liquid pressure in the liquid 

chamber, a capillary limit of the HTPL approaches a boiling limit that is estimated to be 

259.8 W/cm2 in this study and could be further improved by reducing the thermal resistance 

of the evaporator wick base. 
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3 CHAPTER 3: LOOP THERMOSYPHON: RECEDING LIQUID 

LEVEL IN EVAPORATOR WICK AND CAPILLARY LIMIT 

In this chapter, the thin-film evaporation process in a loop thermosyphon (LTS) is 

experimentally and numerically studied. A multi-scale (micro/macro) modeling approach 

is used to understand the geometrical effect of evaporator wick on the thermal performance 

of the LTS system. A novel monolayer wick of a single layer of copper wire mesh filled 

with spherical mono-size copper particles and diffusion-bonded together on the copper 

evaporator substrate was tested to improve the homogeneity of the evaporator wick 

topology. The wire mesh serves as both a capillary structure and a positioner to orderly 

place the copper particles into the mesh openings. The excellent homogeneity of the 

monolayer wick increases the capillary limit and allows more simple and accurate 

computational modeling of the thermal performance of the monolayer wick evaporator. 

The thermophysical and hydrodynamic properties (e.g. thermal resistance and permeability) 

of the liquid meniscus in the monolayer wick for varying liquid level are analyzed by a 

micro-scale CFD model which is implemented in the macro-scale model (thermal-

hydraulic network model) to investigate the structural effect of the evaporator wick on the 

thin-film evaporation process in the LTS. Three different evaporator designs using 

multilayer and monolayer wicks, and porous and tubular wick post are tested for the 

thermal performance improvement and design rationale to achieve lower thermal resistance 

and higher capillary limit. 
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3.1 EXPERIMENTAL METHOD 

The schematic of the loop thermosyphon (LTS) used for this study is shown in Fig. 

3.1-1. The LTS consists of an evaporator and condenser which are connected in a closed 

loop. Deionized water was used as working fluid. The filling ratio of the deionized water 

is 45.5 v/v %, the entire system volume is 102.6 ml. As listed in Table 3.1-1 and Fig. 3.1-

2, three different evaporator designs were tested to study the effects of the wick structure 

on the thermal performance of the LTS. 

 

 
 (a) (b) 

Figure 3.1-1 (a) Experimental setup and (b) schematic of loop thermosyphon showing 

locations of nodal points and temperature and pressure sensors 
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 (a) (b) (c) 

Figure 3.1-2 Schematic of evaporator Designs (a) A, (b) B, and (c) C showing design 

features: membrane, wick base, wick post 

 

Table 3.1-1 Evaporator designs and materials 

Evaporator 

Design 

Type of wick 

base 
Type of wick post Type of membrane 

A* Multilayer 
Sintered copper 

particles 

Sintered copper particles 

and brass wire meshes 

B Monolayer 
Sintered copper 

particles 

Sintered copper particles 

and brass wire meshes 

C Monolayer 
Stainless steel 

tubes 
Stainless steel sheet 

* Baseline evaporator design 

Speaking of the operation of the LTS, the liquid in the liquid chamber (Node 3 in 

Fig. 3.1-1) in the evaporator flows through the evaporator posts to the wick base [Node 5 

in Fig. 3.1-3(a)], and evaporates on the wick surface. The vapor from the wick surface exits 

through a vapor outlet (Node 6 in Fig. 3.1-1) to the condenser. Finally, the condensate from 

the condenser is fed to the evaporator by gravity. 



44 

 

 (a) (b) (c) 

Figure 3.1-3 (a) Flow resistance network for the evaporator, and thermal resistance 

networks for (b) evaporator and (c) condenser 

 

A plate heat exchanger (Duda Energy, B3-5A 10) was used as a condenser. A 

chiller loop using a coolant of a mixture of ethylene glycol (50 v/v %) and water (50 v/v %) 

circulated by a recirculating chiller (PolyScience, 5160T21A130) was used to cool the 

condenser. The coolant temperature of the condenser inlet was maintained at 20°C and its 

flow rate was set to 2 LPM. The evaporator substrate was attached by soldering to and 

heated by a heater block with four cartridge heaters (Watlow, E1E61) powered by two DC 

power supplies (Agilent, N5770A) which is controlled by a LabVIEW system design 

platform (LabVIEW, National Instruments). A data acquisition system (Keithley, 2701) 

was used to collect the experimental data (pressure, temperature and flow rate) and monitor 

the LTS operation. The pressures at the evaporator inlet [Node 2 in Fig. 3.1-1(b)] and outlet 

(Node 6), and condenser inlet (Node 7) were measured using pressure transducers (Omega, 

PX209-30V45G5V). T-type thermocouples were used to measure the temperatures in the 

evaporator substrate and various locations in the loop including the nodal points as shown 

in Fig. 3.1-1. Evaporator Design A [See Fig. 3.1-2(a)] as a baseline design for this study 

uses a multilayer wick base, wick posts, and a porous membrane which were made of 

sintered copper particles (103A grade, ACuPowder International). The multilayer wick 
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base is made of multiple layers (1 mm in thickness) of sintered copper particles (100 m 

in diameter). 

Evaporator Design B [Fig. 3.1-2(b)] uses a monolayer wick base which was made 

of monosize copper particles placed in the square pits (74 µm  74 µm) of a single layer of 

a copper wire mesh (200 mesh, TWP Inc.) on a copper substrate as shown in Fig. 3.1-4. 

For the monolayer fabrication, first, a single layer of the copper wire mesh was sintered on 

a copper substrate. Then, copper particles sieved by 140 and 200 mesh sieves in the range 

of 74 µm to 105 µm in diameter were liberally spread over the sintered wire mesh and the 

extra particles were swept away from it. The copper particles whose diameter is about 74 

µm were securely placed in the pits of the wire mesh, and any particle bigger than 74 µm 

and misplaced outside the mesh openings were carefully swept out by a spatula. Finally, 

the copper particles placed in the pits of the wire mesh were sintered together to form a 

monolayer wick base of the evaporator, as shown in Fig. 3.1-4. The wire mesh is made by 

twill weaving of warp and weft wires. The wire heights, spacing, and diameters of the warp 

and weft wires are listed in Table 3.1-2. 

 

Figure 3.1-4 Monolayer wick base made of a layer of copper wire mesh and spherical 

copper particles  
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Table 3.1-2 Dimensions and properties of evaporator wick bases 

Parameter Symbol Value 

Wick base (heat input) area [cm2] AH 5.59 

Contact angle [°] θc 42.8 

Multilayer wick (Evaporator Design A)   

Radius of copper particles [μm] rwb 50 

Fully-saturated liquid height (wick thickness) [μm] δl,fs 1000 

Porosity [-] εwb 0.19 

Permeability [m2] Kwb 3.95×10-13 

Monolayer wick (Evaporator Designs B and C)   

Mesh number of wire mesh [inch-1] Nwb,mo 200 

Length of square opening of wire mesh [μm] Lo 74 

Wire diameter of wire mesh [μm] dwi 45 

Wire spacing of wire mesh [μm] Swi 238 

Weft height of wire mesh [μm] Hwf 67.4 

Warp height of wire mesh [μm] Hwr 108.8 

Radius of copper particles [μm] rwb,mo 37 

Fully-saturated liquid height (wick thickness) [μm] δl,fs,mo 106.6 

Liquid height [μm] δl 62.5 

 

To reduce the flow resistance of the liquid supply through the porous membrane 

and wick posts to the wick base used in the evaporator Designs A and B, evaporator Design 

C used stainless-steel tubes as the wick post brazed with a perforated stainless-steel plate 

as the non-porous membrane [Fig. 3.1-2(c)]. The dimensions and properties of the wick 

base, wick posts, and membrane of the evaporator Designs A, B, and C are listed in Tables 

3.1-2 and 3.1-3.  
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Table 3.1-3 Dimensions and properties of evaporator membrane and wick posts 

Parameter Symbol Value 

Porous membrane (Evaporator Designs A and B)   

Area [cm2] Am 7.45 (=2.73×2.73) 

Thickness [mm] δm 2.46 

Radius of particles [μm] rm 50 

Permeability [m2] Km 1.04×10-13 

Porous wick posts (Evaporator Designs A and B)   

Diameter [mm] dwp 1.6 

Length [mm] δwp 1 

Center-to-center distance between two diagonal 

neighbors [mm] 
Lwb,d 5.7 

Number [-] Nwp 32 

Permeability [m2] Kwp 1.05×10-13 

Tubular wick posts (Evaporator Design C)   

Inner tube diameter [mm] dtp,i 0.58 

Outer tube diameter [mm] dtp,o 1.09 

Length [mm] δtp 1 

Number [-] Ntp 32 

Permeability [m2] Ktp 1.43×10-9 

Liquid chamber   

Inner diameter of outlet tube [mm] di,4 1.85 

Length of liquid chamber outlet [mm] L3-4 50.8 
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3.2 DATA ANALYSIS 

Using the Fourier’s law for the one-dimensional conduction in the evaporator 

substrate achieved by thermal insulation, the top surface temperature (TH) of the evaporator 

substrate is determined by the average of the extrapolated temperatures of the measured 

temperatures of five thermocouples (Ts,I~V) inserted into the evaporator substrate (Fig. 3.1-

1) and is given by 

,
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where qin and AH are the actual heat input and the evaporator wick base area (Table 3.1-2) 

of the evaporators. kCu is bulk thermal conductivity of copper and Li is the distance from 

the embedded thermocouples to the evaporator substrate surface. 

The evaporator heat loss (qloss,ev) was calculated by natural convection heat transfer 

from the exposed area of the insulation surrounding the evaporator to ambient air. Using 

the measured temperatures of the exposed insulation area surfaces and ambient air, the heat 

loss was estimated to be about 2.3% of the electrical power output of the DC power supply. 

The, the actual heat input (qin) to the evaporator was calculated by subtracting the 

evaporator heat loss (qloss,ev) from the electrical power output (qps), i.e., qin = qps - qloss,ev. 

The uncertainty of qloss was calculated to be ±6.79 W (±27.35%) and the uncertainties of 

qin and TH were calculated to be ±8.1 W (±0.75%) and ±0.87°C (±0.54%) at the maximum 

heat input (1080 W or 187.5 W/cm2), respectively. 

The effective thermal resistance of the evaporator is calculated by 
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where Nwp and Awp are the number of wick posts and cross-sectional area of a wick post, 
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respectively. T6 is the vapor temperature measured at the vapor outlet of the evaporator. 

The dimensions of the wick post are listed in Table 3.1-3. The uncertainty of the evaporator 

thermal resistance (Rt,wb,eff) was calculated to be ±0.010 K-cm2/W (±7.69%). 

The energy balance of the LTS is calculated by 

,in c loss totq q q= +
, (3-3) 

where qloss,tot is the heat loss of the entire system to ambient air. qc is heat removed by the 

chiller and is calculated by 

( ), 9 8C C p Cq m c T T= − , (3-4) 

where ṁC and cp,C are the mass flow rate and specific heat capacity of the coolant in the 

chiller loop. The uncertainty of qc was calculated to be ±90.6 W (±8.7%) at the maximum 

heat input. The uncertainties (UY) were calculated based on the NIST technical guidelines 

[73] and is given by 
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, (3-5) 

where X and Y are measured and calculated quantities. 
iXU  is a measurement accuracy 

which is the difference between the measured quantity and its true value. The measurement 

accuracies for the uncertainty calculation are listed in Table 3.2-1. The measurement 

accuracy of the distance (Li) between the embedded thermocouples in the evaporator and 

the evaporator substrate surface was estimated to be ±0.4 mm, which is the difference 

between the maximum and minimum values of 8 repeated measurements.  
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Table 3.2-1 Measurements accuracies for uncertainty calculation 

Measurement Variables Accuracy value 

Temperature, T [°C] ±0.5 

Power supply output, qH [W] ±8.09 

Chiller flow rate, 
CV  [l/min] ±0.09 

Distance, L [mm] ±0.4 

 

3.3 COMPUTATIONAL METHODS 

3.3.1 Pressure balance in loop thermosyphon 

Loop thermosyphon (LTS) as shown in Fig. 3.1-1 utilizes a hydrostatic pressure 

head to supply liquid to the evaporator in addition to the capillary pumping head and was 

chosen as a test platform to optimize the evaporator wick design. The hydrostatic pressure 

head due to the elevation difference between the evaporator and condenser of the LTS is 

given by 

h lp gH =
, (3-6) 

where ρl and g are liquid density, and gravitational acceleration, respectively. H is the 

elevation difference between the evaporator and condenser. For proper operation of the 

LTS, the maximum capillary pumping head of the evaporator wick should be larger than 

the total pressure drop in the LTS, i.e., 

,max ( )c tot l v hp p p p p   =  +  − , (3-7) 

where Δpl and Δpv are the frictional pressure drops of liquid and vapor flows, respectively. 

Note that Δph is subtracted in the total pressure drop (Δptot) calculation since the evaporator 

is located below the condenser. The maximum capillary pumping head (Δpc,max) sets the 
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liquid supply limit, and therefore the maximum heat transfer capability of the LTS, called 

capillary limit [71] which can be increased by reducing the frictional pressure drops and 

increasing the hydrostatic pressure head and maximum capillary pumping head. 

3.3.2 Thermal-hydraulic network model 

A thermal-hydraulic network model [32] was used to predict a steady-state thermal 

performance of the LTS. The locations of the nodal points used in the network model and 

fluid flow paths in the LHS are illustrated in Fig. 3.1-1(b). In this study, three different 

evaporators (Designs A, B, and C in Fig. 3.1-2) were tested for thermal performance 

measurement which helps us to study the thermal characteristics of the evaporators and 

quantify the impact of the design changes on the thermal performance. The flow and 

thermal resistance networks for the evaporator Design A is illustrated in Fig. 3.1-3. The 

network model was modified for Designs B and C to consider their respective evaporator 

designs. 

For the numerical modeling, continuity, momentum and energy equations for each 

nodal point were simultaneously solved. The network model assumed that (i) fluid velocity 

is uniform at each nodal point, (ii) liquid flow in the porous media of the evaporator is 

Darcian flow and incompressible, (iii) the porous media have an isotropic structure, (iv) 

there is only a single-phase vapor flow without liquid in the vapor line, (v) a local thermal 

equilibrium exists between the solid and liquid phases of the porous media, (vi) the entire 

evaporator wick base is evenly saturated with liquid, and (vii) the vapor in the system is in 

saturated condition. 

The liquid supply by the capillary pumping through the evaporator wick posts to 

the wick base [Node 5 in Fig. 3.1-3(a)] always matches the flow rate [ṁv in Eq. (2-6)] of 
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the vapor generated by the heat input. The capillary pumping occurs if the vapor chamber 

pressure [p6 in Fig. 3.1-3(a)] is higher than the liquid chamber pressure (p3). In contrast, if 

the vapor pressure (p6) is lower than the liquid pressure (p3) at low heat inputs, it creates a 

pressure-driven and excessive liquid flow [ṁex in Eq.(2-7)] causing a partial flooding in the 

vapor chamber [32]. Note that in the capillary pumping mode, the excessive liquid vanishes, 

i.e., ṁl = ṁv. 

Relation between the flow in the wick posts and the pressure loss is calculated by 

Darcy’s law and is given by 
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where pm,c is the pressure at the interface between the porous membrane and wick posts. p4 

is the pressure at the interface between the wick posts and wick base [Fig. 3.1-3(a)]. Rf,wp 

is the flow resistance in the wick posts and is given by 
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where μl and ρl are the dynamic viscosity and density of liquid; δwp, Kwp, Nwp, and Awp are 

the length, permeability, number, and cross-sectional area of the wick post, respectively. 

The properties and dimensions of the wick posts are listed in Table 3.1-3. The porous 

membrane used for the evaporator Designs A and B is split into two regions for flow rate 

calculation: covered area [subscripts m,c in Fig. 3.1-3(a)] by the wick posts, and exposed 

area (subscripts m,e). The respective flow resistances of the porous membrane are 

computed by 

, ,
l m

f m c

l m wp wp

R
K N A

 


=

, (3-10) 



53 

( ), ,
l m

f m e

l m m wp wp

R
K A N A

 


=

−
, (3-11) 

where δm, Am, and Km are the thickness, surface area, and permeability of the porous 

membrane, respectively. Note that Am-NwpAwp is the exposed area of the membrane which 

is not covered by the wick posts. 

The flow resistance of the lateral flow in the wick base is calculated by 
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where δl and Kwb are the liquid level and the permeability of the wick base, respectively. 

Lwb,d is the center-to-center spacing between two diagonal neighbor wick posts (Table 3.1-

3). Note that 0.5(Lwb,d - dwp) in the numerator of Eq. (3-12) is half of the distance between 

Nodes 4 and 5 which is the maximum distance of the capillary-driven liquid supply from a 

wick post. It is assumed that the liquid supply from the wick posts spreads radially and 

evenly in the wick base; the flow resistance of the liquid supply in the wick base is 

determined using the cross-sectional area [2π(0.25Lwb,d )δl] of the wick base in the 

denominator of Eq. (3-12) which is evaluated at the half distance (0.25Lwb,d) of the 

maximum capillary flow path from the wick post. 

The energy transfers in the evaporator and condenser are illustrated in the thermal 

resistance networks [Figs. 3.1-3(b) and (c), respectively]. The thermal resistance of the 

wick base is given by 
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, ,
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t wb eff

eff l

R
k k

 
= + , (3-13) 

where δl,fs and δl,ex are the thickness of the liquid fully-saturated in the wick base and the 

excess liquid above the wick base, respectively. Therefore, the total liquid level (δl) in the 
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wick base is calculated by the sum of the thicknesses, i.e., δl= δl,fs+δl,ex. keff is the effective 

thermal conductivity of the wick base made of sintered copper particles. kl is thermal 

conductivity of water liquid and keff is the effective thermal conductivity of sintered copper 

particles [Eq. (2-26)]. More details of the thermal-hydraulic network model are described 

in Chapter 2.2. 

3.3.3 CFD simulation for calculation of monolayer evaporator wick 

properties 

Fig. 3.1-4 shows the monolayer wick used in the evaporator Designs B and C 

(Table 3.1-1); the dimensions of the wick are listed in Table 3.1-2. To precisely calculate 

the thermophysical and hydrodynamic properties of the monolayer wick, CFD 

(computational fluid dynamics) simulations were performed using a commercial package, 

ANSYS FLUENT [74]. The thermal resistance and permeability of the monolayer wick 

were calculated from two separate CFD simulations of heat transfer and liquid flow using 

the computational domains shown in Figs. 3.3-1(a) and (b), respectively. The liquid-vapor 

interface (meniscus) used for the CFD simulations is a flat horizontal surface. But the actual 

curvature of the meniscus was considered in the calculation of the capillary pressure head 

of the evaporator wick bases; details are described in Appendix C. 
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(a) 

 

(b) 

Figure 3.3-1 Computational domains of the monolayer wick base showing the boundary 

conditions for (a) heat transfer and (b) flow simulations 
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The pressure-based solver was used to acquire a steady-state solution for the liquid 

(water) and solid [copper particle(s) and mesh wires] domains. In the liquid domain, an 

incompressible and laminar flow was assumed. The governing equations (continuity, 

momentum, and energy conservation) for the liquid domain are given by 

( ) 0l lv =
, (3-14) 

2

l l l l l lv v p v g   = − +  +
, (3-15) 

( ) ( )l l l lh v k T =  
, (3-16) 

where lv  and hl are liquid velocity vector and enthalpy, respectively. The energy equation 

for the solid domain is given by 

( ) 0sk T  =
. (3-17) 

The unit cell used for the heat transfer simulation is shown in Fig. 3.3-1(a). A 

symmetry boundary condition was applied for the four side walls of the unit cell. The 

temperatures of the liquid-vapor interface (Tsat) and the heating surface (TH) were set as 

101.0℃ and 124.9℃, respectively. The convective heat transfer coefficient on the solid-

gas interface of the monolayer wick was calculated using Morgan’s correlation [75] 

considering natural convection over a horizontal isothermal cylinder, which is given by 

0.0580.675 Rav

wi

k
h

d
=

, (3-18) 

where kv, dwi, and Ra are the thermal conductivity of water vapor, the wire diameter of the 

wire mesh, and Rayleigh number, respectively. The Rayleigh number of the horizontal wire 

is calculated by 

3( )
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−
, (3-19) 
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where βv and αv are the thermal expansion coefficient and thermal diffusivity of water vapor, 

respectively. The convective heat transfer coefficient (h) was calculated to be 244.3 W/m2-

K and applied to the solid-gas interface of the unit cell [Fig. 3.3-1(a)]. The solid-liquid 

interface uses no-slip condition. The temperature dependence of liquid density is modeled 

by the Boussinesq approximation to simulate natural convection in the liquid domain [76]. 

Note that the evaporation mass transfer on the liquid-vapor interface was neglected for the 

heat transfer simulation. 

Fig. 3.3-1(b) shows the 8-unit cell systems for the liquid flow simulation in two 

principal flow directions in the monolayer wick: one aligned to warp wires and the other 

aligned to weft wires. Total eight cells along each flow direction were selected to ensure a 

fully-developed flow. Symmetry boundary conditions were used for the two sides of the 

flows. Mass flow inlet condition (ṁin=1.67×10-7 kg/s) was applied to the liquid inlets [Ⓓ 

and Ⓔ in Fig. 3.3-1(b)]. The inlet mass flow rate is calculated by 
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where Swi and N wp are the wire spacing and the number of the wick posts. Lwb,d is the center-

to-center distance between two diagonal neighbor wick posts. The dimensions of the 

monolayer wick base and wick posts are listed in Tables 3.1-2 and 3.1-3, respectively. qin, 

the actual heat input to the evaporator was set to 900 W for the wick property calculation. 

It was assumed that the liquid supply from each wick post to the wick base spreads evenly 

in radial direction. Note that 0.5Swi/(0.5πLwb,d) is the ratio of the simulation domain to the 

total domain of the radial liquid supply; 0.5Swi is the width of the 8-unit cell system [Fig. 

3.3-1(b)]; 0.5πLwb,d is the circumferential length of the circular domain which is evaluated 
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at the half distance (0.25Lwb,d) of the maximum capillary flow path from the wick post. The 

constant pressure (pout) on the liquid outlets [Ⓒ and Ⓕ in Fig. 3.3-1(b)] was set as 104.9 

kPa, which is the saturation pressure of water at 101.0 ℃. It was also assumed that the 

liquid-vapor interface has no shear stress and the solid-liquid interface has no-slip 

condition. 

 

3.4 RESULTS AND DISCUSSION 

3.4.1 Monolayer evaporator wick properties 

The monolayer wick, which is the thinnest wick structure built on the evaporator 

substrate, has significant advantages for the capillary-driven thin-film evaporation over the 

multi-layer wicks, because the monolayer wick provides the lowest thermal resistance for 

the evaporator, although it decreases the permeability of the wick due to the small cross-

sectional area for the capillary-driven liquid flow. In the event of flooding, the excess liquid 

above the monolayer wick greatly increases the evaporator thermal resistance [Rt,wb,eff in 

Eq. (3-2)], because of the low thermal conductivity of the liquid as compared to that of the 

solid phase in the monolayer wick. 

The liquid level in the monolayer wick was varied to investigate its effect on the 

thermal resistance in Fig. 3.4-1. When the liquid level [δl in Fig. 3.3-1(a)] is lower than the 

fully-saturated liquid level [δl,fs,mo=106.6 μm in Fig. 3.3-1(a)], the thin-film evaporation of 

low thermal resistances occurs without flooding (no excess liquid). For such non-flooded 

condition, the thermal resistance is greatly governed by the conduction in the solid phase 

of the monolayer wick. This is evident from the fact that there exists a minimum thermal 

resistance (0.097 K-cm2/W) around 62.5 μm for the liquid level where the porosity of the 
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wick is the lowest as shown in Fig. 3.4-1. If the liquid level rises above the wick surface, 

the monolayer wick gets flooded forming an excess liquid layer (δl,ex=δl - δl,fs,mo), which 

greatly increases the thermal resistance because of the relatively low thermal conductivity 

of the liquid [Eq. (3-13)]. The thermal resistance increases linearly with the excess liquid 

level (δl,ex). The thermal resistance of a homogeneous monolayer wick of square-packed 

spherical particles with a diameter of 70 μm, which was calculated by the CFD simulation 

[35], was compared with the thermal resistances of the monolayer wick used for the present 

study in Fig. 3.1-4. Although the geometries of both monolayer wicks are not identical, the 

thermal resistances are in the same order of magnitude. 

 

Figure 3.4-1 Computed thermal resistance and temperature distributions in a unit cell of 

the monolayer wick base [Fig. 3.3-1(a)] with respect to the liquid heights in the wick 

base  
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Fig. 3.4-2 shows the effect of the liquid level on the permeability (Kwb,mo) of the 

monolayer wick in the two principal flow directions aligned to weft and warp wires of the 

wire mesh. The permeability was calculated for the liquid levels in the range from 16.4 μm 

to the fully saturated level (106.6 μm) in the wick; the calculated permeability values are 

in the range from 7.19×10-12 to 6.13×10-11 m2. There exists the lowest permeability when 

the liquid level is around 62.5 μm because the wick has the lowest porosity as shown in 

Fig. 3.1-4. Fig. 3.4-2 also shows the variation of the lateral flow resistance [Rf,wb,lt in Eq. 

(3-12)] of the monolayer wick with respect to the liquid level; the average values of the 

permeabilities in the warp and weft directions were used to calculate the lateral flow 

resistances at each liquid level. As the liquid level in the wick base is decreased, the flow 

resistance increases because of the decreasing cross-sectional area [π×0.5Lwb,d×δl  in Eq. 

(3-12)] of the liquid flow. 

 

Figure 3.4-2 Computed permeabilities and flow resistance of the strips of the monolayer 

wick base in two principal flow directions (weft and warp directions) [Fig. 3.3-1(b)] with 

respect to the liquid heights in the wick base  
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3.4.2 Baseline results and model validation 

The evaporator Design A as a baseline design for this study was compared with the 

evaporator Designs B and C with design improvements (monolayer wick base and tubular 

posts). Fig. 3.4-3 shows the temperature and pressure profiles in the LTS using the 

evaporator Design A for three different heat inputs and a fixed elevation difference (H) of 

47 cm between the evaporator and condenser. The temperature of the subcooled liquid at 

Node 1 (Fig. 3.1-1) from the condenser is the lowest in the LTS, while the evaporator 

substrate temperature (Th at Node h in Fig. 3.1-1) is the highest. The liquid supply starts 

from the liquid chamber (Node 3 in Fig. 3.1-1) to the covered wick base (Node 4 in Fig. 

3.1-3) and then the exposed wick base (Node 5). 

 

 

Figure 3.4-3 Comparison between the experimental and numerical results for the 

evaporator Design A showing the effect of the heat input on the temperature and pressure 

distributions in the LTS for an elevation difference (H) of 47 cm  
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The elevation difference (H) between the evaporator and condenser creates a 

hydrostatic pressure head (Δph) which supplies the liquid to the liquid chamber (Node 3). 

Then, the capillary pumping head [∆pc in Eq. (2-10)] at the liquid/vapor interface of the 

exposed wick base (Node 5) raises the lowest pressure of the liquid to the highest vapor 

pressure in the evaporator (Node 6). 

It is also shown from Fig. 3.4-3 that the temperature in the evaporator and vapor 

line (Nodes 4 - 7) increases with increasing heat input, while the liquid temperature from 

the condenser to evaporator (Nodes 1 - 3) remains constant due to the strong cooling in the 

condenser and liquid flow in the liquid line. In contrast, the pressure in the LTS uniformly 

increases with increasing heat input. Overall, the predicted temperature and pressure results 

shows good agreement with those of the experimental measurement. 

 

3.4.3 Capillary limit and boiling mode transitions 

To investigate the effect of the hydrostatic pressure head (Δph) on the capillary limit 

of the evaporator heat input, the evaporator Designs A, B, and C were tested for three 

different elevation differences (H) between the evaporator and condenser: 22, 34, 47 cm. 

The capillary limit is detected during experiments when an abnormally large 

increase in the wall superheat (Th-T6) due to progressing dryout is observed with increasing 

heat input (q̎in). The heat input was initially increased by a large increment of 17.4 W/cm2 

(or 100 W) and maintained until the system reached a steady state before it was increased 

to the next heat input level. As the heat input approached the capillary limit, a smaller 

interval (8.7 W/cm2 or 50 W) was used for an accurate detection of the capillary limit. 

The hydrostatic pressure head [Δph in Eq. (3-6)] provides an extra pumping in 
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addition to the capillary pumping head [Eq. (3-7)] for the liquid flow. As shown in Fig. 

3.4-4(a), the capillary limits of the evaporator Design A with a multilayer wick base were 

measured to be 69.4, 86.8, and 90.3 W/cm2 for the elevation differences of 22, 34, and 47 

cm, respectively; the corresponding predicted capillary limits were 64.9, 77.2, and 89.5 

W/cm2, respectively. 

Fig. 3.4-4(a) shows the lines for the three liquid levels (δl) in the wick base: 1010, 

1005, and 1000 μm; the corresponding excess liquid thicknesses (δl,ex) are 10, 5, and 0 μm, 

respectively. Note that the fully-saturated liquid level (δl,fs) in the multilayer wick base of 

the evaporator Design A is 1000 μm. In Fig. 3.4-4(b), the predicted thermal resistances 

(Rt,wb,eff) for the liquid levels of 1010, 1005, and 1000 μm were estimated using Eq. (3-13) 

to be 0.347, 0.271, and 0.195 K-cm2/W, respectively. As the heat input increases, the 

thermal resistances decrease with decreasing liquid level approaching the thermal 

resistance (0.195 K-cm2/W) of the fully-saturated liquid level (δl,fs=1000 μm). Higher 

hydrostatic pumping causes more flooding and delays the thin-film evaporation in the 

evaporator wick to higher heat inputs. 

 
(a) 
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(b) 

Figure 3.4-4 Comparison between the experimental and numerical results for the 

evaporator Design A showing the effect of the condenser height on (a) heat fluxes and 

capillary limits and (b) evaporator thermal resistance 

 

Such boiling mode transition can be explained by the pressure profiles in the LTS 

shown in Fig. 3.4-3. At a low heat input of q ̎in=52.1 W/cm2, the vapor chamber pressure 

(p6 at Node 6 in Fig. 3.4-3) is lower than the liquid chamber pressure (p3 at Node 3), 

resulting in an excess liquid supply (flooding) to the evaporator, and thus a high thermal 

resistance. With increasing heat input, the vapor chamber pressure eventually exceeds the 

liquid chamber pressure, activating the capillary pumping to achieve the lowest thermal 

resistance as shown in Fig. 3.4-4(b). 

In Section 5.1, the liquid level (δl in Fig. 3.1-4) and the boiling conditions in the 

monolayer wick of Designs B and C was used to predict the thermal resistances (Rt,wb,eff). 

In Fig. 3.4-5(a), the lines for three different liquid levels (δl) in the wick base of the 

evaporator Design B: 106.6 (=δl,fs), 81.8, and 62.5 μm corresponds to the respective thermal 

resistances: 0.210, 0.127, 0.097 K-cm2/W as shown in Fig. 3.4-5(b). In Fig. 3.4-5(b), with 

the heat input below 35 W/cm2, the evaporators are flooded (δl>δl,fs) since the measured 
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thermal resistances are higher than that of the fully saturated condition (0.210 K-cm2/W). 

Above 35 W/cm2, the evaporator undergoes thin-film evaporation since the liquid level is 

less than the fully-saturated liquid level (δl,fs) of 106.6 μm. The thermal resistances decrease 

with increasing heat input, because of the receding liquid in the evaporator wick. Around 

70 W/cm2, the liquid level are decreased to 81.8 μm. Before dryout happens, the minimum 

thermal resistances are measured to be 0.103, 0.097, 0.103 K-cm2/W for 22, 34, and 47 cm 

elevation differences, respectively [inset in Fig. 3.4-5(b)]. Note that the small differences 

among the minimum thermal resistances are due to the large increment of the heat input 

used for the measurement which didn’t allow to precisely capture the dryout condition. 

 

 
(a) 
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(b) 

Figure 3.4-5 Comparison between the experimental and numerical results for the 

evaporator Design B showing the effect of the condenser height on (a) heat fluxes and 

capillary limits and (b) evaporator thermal resistance 

 

Figure 11(a) shows the boiling curves of the evaporator Design C for three 

different elevation differences. Unlike the Designs A and B shown in Figs. 3.4-4(a) and 

3.4-5(a), the Design C didn’t experience a premature dryout up to 187.5 W/cm2 which is 

the maximum power of the heaters used for this study. The heat flux improvement 

attributes to a big reduction in the flow resistance using the tubular wick posts. The effect 

of the flow resistance of the liquid supply is discussed more in Section 5.4. In Fig. 3.4-6(b), 

the measured thermal resistances are less than 0.21 K-cm2/W above 50 W/cm2 because the 

evaporator uses the thin-film evaporation for such high heat input. As the heat input 

approaches to the maximum heater power (187.5 W/cm2), the thermal resistances further 

decrease to 0.127 K-cm2/W which corresponds to a liquid level of 81.8 μm (Fig. 3.1-4) in 

the monolayer wick base. It is predicted that the thermal resistance of the Design C at the 

capillary limit eventually decreases to the lowest value of 0.097 K-cm2/W, which is based 

on the results [Fig. 3.4-5(b)] for the Design B which uses the identical monolayer wick 
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base, and the capillary limit of the Design C is to be 309.8 W/cm2 for 47 cm elevation 

difference [Fig. 3.4-6(a)]. 

 

 
(a) 

 
(b) 

Figure 3.4-6 Comparison between the experimental and numerical results for the 

evaporator Design C showing the effect of the condenser height on (a) heat fluxes and 

capillary limits and (b) evaporator thermal resistance  
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Pool boiling is the boiling condition used in the evaporator of conventional LTS. 

The thermal performance results (critical heat flux, qCHF = 110.8 W/cm2 and the minimum 

thermal resistance of 0.18 K-cm2/W) of the pool boiling on a horizontal plain copper 

surface [77, 78] as a baseline evaporator design of the LTS were compared with the results 

of the three evaporators using thin-film boiling in porous wicks. Design A with the 

multilayer wick base (made of sintered copper particles with 1 mm thickness) and porous 

membrane/post performed worse than the pool boiling: 18.5% lower maximum heat flux 

and 6.1% higher thermal resistance as shown in Figs. 3.4-4(a) and (b). However, Designs 

B and C using the monolayer wick base (made of a single layer of sintered copper particles 

embedded in a screen mesh with 106.6 μm thickness) performed better than the pool 

boiling in terms of minimum thermal resistance [0.097 K-cm2/W for Design B in Fig. 3.4-

5(b)] and maximum heat flux [309.8 W/cm2 at H = 47 cm for Design C in Fig. 3.4-6(a)]. 

3.4.4 Macro/micro-scale evaporator wick designs 

To evaluate the effect of the thickness of the evaporator wick base, the thermal 

performance of the evaporator Designs A [multilayer wick with a thickness of 1000 μm 

(=δl,fs)] and B [monolayer wick with a thickness of 106.6 μm (=δl,fs,mo)] are compared in 

Figs. 3.4-7(a) and (b) for an elevation difference of 34 cm between the evaporator and 

condenser. The dimensions and properties of the multilayer and monolayer wick base are 

listed in Table 3.1-2.  
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(a) 

 
(b) 

Figure 3.4-7 Comparison between the experimental and numerical results of (a) heat 

fluxes and capillary limits and (b) evaporator thermal resistances for the evaporator 

Designs A and B for an elevation difference (H) of 34 cm 

 

As shown in Fig. 3.4-7(a), the measured capillary limits of the Designs A and B 

are 86.8 and 130.2 W/cm2, respectively. Note that the monolayer wick base of the Design 

B used smaller copper particles (embedded in a single layer of a wire mesh) than those of 

the multilayer wick base of the Design A, which was used to increase the maximum 
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capillary pumping head and capillary limit [Eq. (C-1) in Appendix C]. The maximum 

capillary pressure heads of the monolayer and multilayer wick bases are 7.59 and 4.48 kPa, 

respectively. The calculation of the capillary pressure head is discussed in Appendix C. 

The thermal resistances of the Designs A and B were compared in Fig. 3.4-7(b). 

The measured minimum thermal resistance [Rt,wb,eff in Eq. (3-2)] of the Design B with the 

monolayer wick base is measured as 0.097 K-cm2/W, which is 50% lower than that (0.194 

K-cm2/W) of the Design A with the multilayer wick base. 

The capillary limit of the LTS is increased by reducing the frictional pressure drop 

of the liquid supply in the evaporator [Eq. (3-7)]. As shown in Fig. 3.4-3, a significant 

pressure drop of the liquid flow occurs between the liquid chamber (Node 3) and wick base 

(Node 5) in the Designs A and B, where a porous membrane and wick posts made of the 

sintered copper particles are used, although the liquid flow path is as short as 3.46 mm. To 

reduce the flow resistance, the Design C uses tubular posts made of tubes with an inner 

diameter of 0.58 mm. 

Figures 13(a) and (b) show the comparison between the thermal performances of 

the Designs B and C using an identical monolayer wick base but different wick post design 

for an elevation difference of 34 cm between the evaporator and condenser. As shown in 

Fig. 3.4-8(a), the capillary limit of the Design C was not reached in this study because of 

the limited heater power (maximum heater heat flux of 187.5 W/cm2), although the 

measured capillary limit of the Design B was 130.2 W/cm2. In Fig. 3.4-8(b), the thermal 

resistance of the Design C decreases to 0.128 K-cm2/W at 187.5 W/cm2. It is expected that 

since the Designs B and C use the identical monolayer wick base, the lowest thermal 

resistance of the Design C at the capillary limit is similar to that (0.097 K-cm2/W for the 
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liquid level of 62.5 μm in the monolayer wick base) of the Design B and the corresponding 

capillary limit of the Design C is 276.3 W/cm2. 

 
(a) 

 
(b) 

Figure 3.4-8 Comparison between the experimental and numerical results of (a) heat 

fluxes and capillary limits and (b) evaporator thermal resistances for the evaporator 

Designs B and C for an elevation difference (H) of 34 cm  
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3.5 SUMMARY 

New evaporator design improvements were proven very effective to enhance the 

thermal performance of the loop thermosiphon: (i) monolayer wick base to reduce the 

evaporator thermal resistance; (ii) tubular wick post to reduce the pressure drop of the 

liquid supply, and thus increase the capillary heat flux limit. The effect of the liquid level 

in the monolayer wick base on the thermal performance was numerically and 

experimentally investigated. The effective thermal resistance and permeability of the 

monolayer wick were numerically calculated with varying liquid level. The boiling 

conditions (flooded, thin-film evaporation, and dryout) in the evaporators can be 

determined by relating the thermal resistance with the liquid level in the evaporator wick 

base. The numerical prediction results agree well with the experimental results for various 

operating conditions (heat input and elevation difference between the evaporator and 

condenser). It was found that as the elevation difference is increased, the capillary heat flux 

limit (dryout) is increased due to the increasing hydrostatic pressure head. The measured 

thermal resistance of the monolayer wick base is 0.097 K-cm2/W which is 50% less than 

that of the multilayer wick base of 0.194 K-cm2/W. The evaporator using the monolayer 

wick base and tubular wick posts is predicted to provide superior thermal performance: the 

capillary limit of 309.8 W/cm2 for an elevation difference of 47 cm.  
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4 CHAPTER 4: MECHANICAL-CAPILLARY-DRIVEN TWO-

PHASE LOOP: EFFECTS OF ACTIVE FLOW CONTROL ON 

THIN-FILM EVAPORATION AND CAPILLARY LIMIT  

In this chapter, a model-based active control scheme is developed with utilizes a 

real-time monitoring of the capillary pressure head in an evaporator wick which is used as 

a control factor to optimize the operating condition of an HTPL. The relation between the 

capillary pressure head and the evaporation mode transitions was investigated for varying 

operating conditions: heat inputs, mechanical pump flow rates, and liquid chamber exit 

pressures. The robustness of the active control scheme was examined by a dynamic on-off 

heat input cycle. 

 

4.1 EXPERIMENTAL METHOD 

A schematic of an HTPL experimental setup used for this study is shown in Fig. 

4.1-1. The HTPL is composed of an evaporator, condenser/reservoir, and a mechanical 

pump. The evaporator and the condenser/reservoir are connected by a liquid supply line, 

liquid return line and vapor return line; the mechanical pump is located in the liquid supply 

line. Deionized water was used as a working fluid. A coolant mixture of ethylene glycol 

(50 v/v%) and water (50 v/v%) was circulated by a recirculating chiller (PolyScience, 

5160T21A130) to remove heat from the condenser/reservoir. The chiller loop inlet 

temperature (T9) and flow rate (ṁC) were maintained as 10°C and 77.5 g/s, respectively. 

Four cartridge heaters (Watlow, E1E61) embedded in a heater block were powered by two 

DC power supplies (Agilent, N5770A) connected in series. The heater power schedule was 

programmed by the LabVIEW system design platform (NI LabVIEW 2018, National 

Instruments). 
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A data acquisition system (Keithley, 2701) was used to collect signals from sensors 

[thermocouples (○T ), pressure transducers (○P ), and flow meters (○F ) in Fig. 4.1-1(a)]. T-

type thermocouples were used to measure temperatures of the evaporator, condenser, liquid 

and vapor phases in various locations in the loop as shown in Fig. 4.1-1(a). The pressures 

of liquid inlet (p2) and outlet (p4), and reservoir (p8) were measured by measured by 

pressure transducers (Omega, PX309). A pressure transducer for high temperature 

condition (Omega, PX35) was used for the vapor pressure measurement in the evaporator. 

Two microturbine flow meters (McMillan, 104) were used to measure the flow rates in the 

liquid supply line (Fp) and the liquid return line (Fr), respectively. A magnet drive external 

gear pump (Fluid-o-Tech, MG213XPB17) and a DC motor (Fluid-o-Tech, M42x30/i) were 

used and powered by another DC power supply (Agilent, N5770A) which is also controlled 

by the LabVIEW system. An integral bonnet needle valve (Swagelok, SS-1RS4) was 

installed in the liquid return line to regulate back pressure in the liquid chamber of the 

evaporator. 

The evaporator substrate is heated by the cartridge heaters embedded in the heater 

block as shown in Fig. 4.1-1(a). The substrate and heater block are made of copper and 

they were soldered together. The liquid chamber and the vapor chamber are separated by a 

stainless steel membrane having 32 tubular posts for liquid supply to the wick base as 

shown in Fig. 4.1-1(b). The dimensions of the stainless steel tubular posts are listed in 

Table 3.1-3. The wick base is a monolayered-porous structure composed of a single layer 

of copper a wire mesh (200 mesh, TWP Inc.) and spherical copper powders (103A grade, 

ACuPowder), sieved by 104 and 200 mesh sieves. The monolayer wick base and substrate 

were sintered in a tube furnace. Details of the monolayer fabrication are described in 
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Section 3.1. 

 

(a) 

 

(b) 

Figure 4.1-1 Schematic diagram of (a) experimental setup of hybrid two-phase loop and 

(b) evaporator showing heat transfer conditions 
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4.2 DATA ANALYSIS 

The top surface temperature (TH) of the evaporator substrate, below the monolayer 

wick base, was extrapolated by average temperatures measured by the five thermocouples 

(Ts,I-V) embedded in the evaporator substrate [Fig. 4.1-1(a)]. The Fourier’s law was used 

for the extrapolation with an assumption of one-dimensional conduction in the substrate 

achieved by thermal insulation, and is given in Eq. (3-1). The average of the five distances 

(LI-LV) from the embedded thermocouples to the top substrate was measured to be 1.47 

mm. 

The actual heat (qin) transferred by conduction through the substrate is given by 

,in ps loss evq q q= − , (4-1) 

where qps is the electrical power output of DC power supplies for the cartridge heaters. 

qloss,ev is the evaporator heat loss to ambient calculated by natural convection heat transfer 

rate on the exposed insulation area [76]. Using the measured temperatures of the exposed 

insulation surfaces and ambient air, the heat loss was estimated to be about 2.3% of the 

electrical power output of the DC power supply, i.e., qloss,ev=0.023qps. The uncertainties of 

qloss,ev, qin, and TH were calculated to be ±6.79 W (±27.35%), ±11.2 W (±0.88%) and 

±1.09°C (±0.85%), respectively, at a heat input condition of 1270 W (227.2 W/cm2). 

Thermal resistance of the evaporator is calculated by  

6
,

( )H H
t wb

in

A T T
R

q

−
= , (4-2) 

where AH is the top substrate area (Table 3.1-2) and T6 is the vapor chamber temperature 

[Fig. 4.1-1(a)]. The uncertainty of the thermal resistance was calculated to be ±0.0078 K-

cm2/W (±4.08%). 

Energy balance of the HTPL system is given by 
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,ps C loss totq q q= + , (4-3) 

where qloss,tot is the total heat loss to ambient. qC is the heat removed by the chiller loop, 

which is given by 

, 10 9( )C C p Cq m c T T= − , (4-4) 

where ṁC is the measured mass flow rate of the chiller loop and cp,C is the specific heat 

capacity [79] of the coolant (50 v/v% ethylene glycol and water mixture). The uncertainty 

of qC was calculated to be ±194.2 W (±17.3%) at 1270 W heat input (qin). Uncertainty 

propagation is calculated based on the NIST technical guidelines [73], which is given in 

Eq. (3-5). The measurement uncertainties are listed in Table 4.2-1.  

 

Table 4.2-1 Measurement uncertainties 

Measurement variable Uncertainty 

Temperature, T [°C] ±0.5 

Power supply output, qps [W] ±8.9 

Chiller flow rate, CV  [l/min] ±0.3 

Pump flow rate, pV  [ml/min] ±5 

Flow rate in liquid return line, rV  [ml/min] ±5 

Distance, L [mm] ±0.4 

 

4.3 HEAT TRANSFER MODE TRANSITION AND CAPILLARY 

LIMIT 

The mechanical pumping component allows HTPLs to extend the capillary limit by 

providing additional pumping head to the system. However, at the time, it gives an 

operational complexity, especially in heat transfer condition of the evaporator. Heat 

transfer condition in the evaporator of the HTPL is determined by the capillary action on 
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the evaporator wick base [32] as shown in Fig. 4.1-1(b). The capillary pumping head of 

liquid meniscus in the evaporator wick base is given by, 

,max 6 5( )c cp p p p   = − , (4-5) 

where p5 is the liquid phase pressure in the meniscus and p6 is the vapor phase pressure 

above the meniscus in the evaporator wick base. The pressure drop due to phase transition 

[Δpev in Eq. (2-9)] is not included in Eq. (4-5) because its effect is negligible [11]. If the 

mechanical pumping rate is too high or applied heat input is low, the evaporator is flooded 

with an excess liquid because the liquid chamber pressure (p3) is much higher than the 

vapor chamber pressure (p6). In this flooded mode, there is no capillary action (Δpc=0) 

because the wick base is completely soaked in liquid. Also, the evaporator has a high 

thermal resistance [Rt,wb in Eq. (4-2)] because the excess liquid layer provides additional 

thermal barrier on the wick base. 

With lower pump flow rates or higher heat inputs, decrease in the pressure 

difference between p6 and p3 reduces the excess liquid flow on the wick base. When the 

evaporator wick is exposed to vapor phase, liquid menisci forms in the porous wick base 

and the capillary action passively supply liquid to feed evaporation. In this capillary mode, 

obviously, the evaporator has a capillary pumping head (Δpc>0) and a low thermal 

resistance due to the thin-liquid layer (less thermal barrier) on the wick base as shown in 

Fig. 4.1-1(b). With the characteristics of the passive liquid supply and the low thermal 

resistance, the capillary mode is the most desirable heat transfer mode for the HTPL 

operation. As more heat input or less pumping power is applied, the demand of capillary 

pumping head increases. If the demand exceeds the maximum pressure head [Δpc,max in Eq. 

(4-5)], dryout occurs in the wick base causing thermal runaway in the evaporator. The 

maximum capillary pumping head of the monolayer wick base was calculated as 7.59 kPa 
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in Appendix C.2.  

In this study, the capillary pressure head in the wick base was indirectly measured 

to investigate heat transfer conditions in the evaporator. The capillary pumping head is 

given by  

,max 6 4 ,3 4 ,3 , ,( )c c f f tp v f wb ltp p p p p p m R− −   = − −  +  + , (4-6) 

where p6 and p4 are the measured pressures in the vapor chamber and the liquid chamber 

outlet, respectively, as shown in Fig. 4.1-1(a). Δpf,3-4 is the pressure drop between the liquid 

chamber (p3) and the outlet tube of the liquid chamber (p4). Δpf,3-tp is the pressure drop 

between the liquid chamber and the liquid pressure in the evaporator wick base under the 

tubular post [ptp in Fig. 4.1-1(b)]. ṁvRf,wb,lt is the pressure drop due to capillary flow in the 

wick base from ptp to p5. p5 is the liquid pressure under the meniscus located in the middle 

of two diagonal neighbor posts. ṁv is the capillary-driven flow rate for vaporization and 

Rf,wb,lt is the flow resistance from ptp to p5 in the evaporator wick base. Details of the 

pressure losses are described in Appendix D. 

 

4.4 RESULTS AND DISCUSSION 

4.4.1 Effect of heat input 

The effects of heat input (q̎in) on the heat transfer mode transition and the capillary 

limit of the HTPL are discussed in this section. Figures 4.4-1(a) and (b) show the 

temperature and pressure profiles in the HTPL system with stepwise heat input increase. 

The pump flow rate (ṁp) was maintained as 5.8 g/s and the flow coefficient (Cv) of the 

valve in the liquid return line [Fig. 4.1-1(a)] was set as 0.04 m3h-1bar-0.5. As the heat flux 

input increases, the vapor chamber temperature [T6 in Fig. 4.4-1(a)] and pressure [p6 in Fig. 
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4.4-1(b)] increase simultaneously because the evaporator is in the saturated condition. 

Between 35.0 W/cm2 and 43.7 W/cm2 of heat inputs, elapsed time of 50 minutes, there was 

a sudden decrease in the thermal resistance [Rt,wb in Eq. (4-2)] from 0.78 to 0.45 K-cm2/W 

as shown in Fig. 4.4-1(b). Below 35.0 W/cm2, the evaporator is in the cold-start operation 

where the single-phase cooling is dominant while the phase change heat transfer 

(evaporation) is more significant at 43.7 W/cm2 heat input. The transition point (35.0 

W/cm2) from the cold-start to the two-phase cooling dominant region is called the end of 

cold start (q̎e,cs). Although the evaporator escaped from the cold-start in the range between 

43.7 and 69.9 W/cm2, elapsed time range from 50 to 110 minutes, there is no capillary 

pressure head [Δpc (=p6-p5)=0] as shown in Fig. 4.4-1(b), therefore, the evaporator is still 

in the flooded mode in the heat input range. 

The evaporator mode shifts from the flooded mode to the capillary mode with more 

heat inputs, and thus more evaporation which pressurizes the vapor chamber alleviating the 

excess liquid flow to the wick base. In the capillary mode, liquid menisci formed in the 

wick base provide the capillary action to supply liquid for evaporation. As shown in Fig. 

4.4-1(b), above 87.4 W/cm2, after 110 minutes, the capillary action (Δpc>0) starts to supply 

liquid to the evaporator wick. The heat flux input activating the capillary pumping is named 

as the onset of capillary mode (q̎c,os) in this study. The capillary mode is the most desirable 

heat transfer condition in the HTPL because the evaporator has a low thermal resistance 

with passive liquid control. In the capillary mode, as the heat input is increased further, the 

liquid level in the evaporator wick declines to increase the capillary pumping head for more 

liquid supply as shown in Fig. 4.4-1(b). And the receding liquid level contributes to further 

decrease in the thermal resistance of the evaporator. Details of the relation between the 
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liquid level and the capillary pressure head, and the thermal resistance of the evaporator 

wick is reported in the previous studies [34, 36, 80]. 

As more heat input is applied, the capillary pumping head increases and reaches to 

its maximum head [Δpc,max in Eq. (4-5)]. At this limited point, the capillary action cannot 

support more liquid for more heat input, it would cause dryout in the evaporator wick 

because of a lack of liquid supply. The evaporator dryout should be avoided in real 

applications because the thermal runaway could cause devastating damage in heat source 

area. The maximum heat flux input the capillary action can support without causing dryout 

is called the capillary heat flux limit (q̎c,lim) [11]. As shown in Fig. 4.4-1(a), a dryout with 

temperature overshoot occurred when 157.3 W/cm2 heat input (220 minutes) was applied. 

In this study, the heat flux input was increased by 4.3 W/cm2 near the dryout condition and 

the capillary heat flux limit was measured by choosing the maximum heat flux [148.6 

W/cm2 in Fig. 4.4-1(a)] not causing the temperature overshoot. The measured maximum 

capillary pumping head at the capillary limit (148.6 W/cm2) was measured to be 6.07 kPa 

as shown in Fig. 4.4-1(b). In Chapter 2, the maximum capillary pressure head for the 

evaporator wick base was calculated to be 7.59 kPa (See Appendix C.2), which is quite 

close to the measurement result. 
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(a) 

 
(b) 

Figure 4.4-1 Schematic diagram of (a) experimental setup of hybrid two-phase loop and 

(b) evaporator showing heat transfer conditions  
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4.4.2 Effect of pump flow rate 

The effect of the mechanical pump flow rate on the heat transfer condition of the 

HTPL is discussed in this section. The heat transfer mode and the capillary limit of the 

HTPL are determined by the pressure balance in the system which can be manipulated by 

the mechanical pump [Fig. 4.1-1(a)]. In the previous Section 4.4.1, as heat input increases 

(q̎in), the capillary pressure head increases Δpc in Eq. (4-6) to supply more liquid for more 

evaporation (ṁv). And the maximum heat input is limited by the capillary heat flux limit 

(q̎c,lim) when the capillary pumping head reaches to the maximum pumping head (Δpc,max). 

However, as shown in Eq. (4-6), by increasing the mechanical pumping rate, the liquid 

chamber can be pressurized (p4) resulting in less demand of capillary pressure head. With 

the reduced demand, the capillary action can support more evaporation to dissipate more 

heat flux input, i.e., enhancement of the capillary heat flux limit. 

Figures 4.4-2 (a-c) show the effect of the pump flow rate on the (a) capillary heat 

flux limit, (b) pump power consumption, (c) thermal resistance and the capillary pressure 

head in the evaporator, respectively. The flow coefficient of the valve in the liquid return 

line [Fig. 4.1-1(a)] is maintained as 0.04 m3h-1bar-0.5. With an increase in the pump flow 

rate, the capillary heat flux limit (q̎c,lim) of the HTPL increases as shown in Fig. 4.4-2(a). 

At the pump flow rate of 4.2 g/s, the capillary heat flux limit was measured to be 104.9 

W/cm2 and extended to 201.0 W/cm2 at 7.5 g/s pump flow rate. As the pump flow rate 

increases, pump power consumption (Ėp) also increased obviously as shown in Fig. 4.4-

2(b). The pump power at 201.0 W/cm2 (1124 W) of heat input and 7.5 g/s of flow rate was 

measured to be 5.8 W which is only 0.5% of the heat input. 

Fig. 4.4-2(c) shows the effect of the pump flow rate on the thermal resistance [Rt,wb 
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in Eq. (4-2)] and the capillary pressure head [Δpc in Eq. (4-6)]. At low heat input, below 

26.2 W/cm2, the higher pump flow rate, the lower thermal resistance. Since the evaporator 

is in the cold-start region, the two-phase cooling (evaporation) is less effective, therefore, 

the single-phase cooling (forced convection) is dominant in the low heat input condition. 

With more heat input, above 43.7 W/cm2, the thermal resistances for all flow rate cases 

came together because the two-phase cooling effect became dominant while the convection 

cooling effect diminished. 

The effect of pump flow rate on the capillary pumping head is shown in Fig. 4.4-

2(c). As the pump flow late decreases, for a given heat input, the capillary pressure head 

increases because of the increase in the liquid chamber outlet pressure [p4 in Eq. (4-6)]. It 

means that the capillary mode, a condition with a positive capillary pressure head (Δpc>0), 

starts at a lower heat input condition with a lower pump flow rate. The minimum heat input 

condition causing a positive capillary pressure head is called onset of capillary mode (q̎c,os). 

Figure 4.4-3 shows the onset of capillary modes for varying the pump flow rates. As the 

pump flow rate decreased from 7.5 to 4.2 g/s, the onset of capillary mode declined from 

139.8 to 43.7 W/cm2 at 0.04 m3h-1bar-0.5 valve coefficient. 

The results shown that the heat transfer mode and the heat flux limitation of the 

HTPL can be controlled by regulating the mechanical pump flow rate. As the pump flow 

rate decreases, the demand of the capillary pressure head increases, and thus both the 

capillary heat flux limit (q̎c,lim) and the onset of capillary mode decrease. Conversely, more 

pump flow rate increases both the capillary heat flux limit and the one set of capillary mode. 

It means that a wider range of capillary mode can be achieved by decreasing the pump flow 

rate at low heat input conditions and by increasing the pump flow rate at high heat inputs 
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as shown in Fig. 4.4-3. 

 
(a) 

 
(b) 
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(c) 

Figure 4.4-2 Effect of pump flow rate on (a) capillary heat flux limit, (b) thermal 

resistance and pump power (Cv=0.04 m3h-1bar-0.5) 

 

 

Figure 4.4-3 Effect of valve coefficient on capillary heat flux limit and onset of capillary 

mode 
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4.4.3 Effect of back pressure of liquid chamber 

In Section 4.4.2, it was shown that the heat transfer mode and capillary heat flux 

limit can be regulated by controlling the pump flow rate. This is because the heat transfer 

condition is determined by the pressure balance between the vapor and the liquid phase in 

the evaporator. In this section, the effect of the liquid chamber back pressure on the heat 

transfer condition in the evaporator is discussed. The back pressure was controlled by a 

valve in the liquid return line [Fig. 4.1-1(a)] with three flow coefficients (Cv): 0.32, 0.04, 

and 0.01 m3h-1bar-0.5.  

Figure 4.4-3 shows the effect of the valve coefficient on the capillary heat flux 

limit (q̎c,lim) and the onset of capillary mode (q̎c,os). As the valve coefficient is decreased, 

the back pressure of the liquid chamber (p4) increases for a given pump flow rate. The 

pressurized liquid chamber reduces the demand of the capillary pumping head [Δpc in Eq. 

(4-6)] resulting in the enhancement of the capillary heat flux limit as show in Fig. 4.4-3. 

By decreasing the valve coefficient from 0.32 to 0.01 m3h-1bar-0.5 the capillary heat flux 

limit was extended from 183.5 to 227.2 W/cm2 at pump flow rate of 7.5 g/s. With more 

pump flow rate or less valve coefficient, the capillary heat flux limit extends further and 

reaches to the boiling limit. The boiling limit occurs when trapped bubbles in an evaporator 

wick block liquid supply and resulting in the evaporator dryout [11]. The boiling limit of 

the HTPL used in this study was calculated to be 423.4 W/cm2 by the thermal-hydraulic 

network model in Chapter 2. 

The onset of capillary mode (q̎c,os) begins when the capillary pumping head in the 

evaporator wick is positive (Δpc>0). As the valve coefficient is decreases, the liquid 

chamber outlet pressure (p4) increases and thus decrease the capillary pumping head [Δpc 
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in Eq. (4-6)] at given heat input. It means that the heat input condition for positive capillary 

pressure (Δpc=p6-p5>0) increases as the valve coefficient decreases, i.e., increase in the 

onset of capillary mode. In other words, the pressurized liquid chamber provides more 

liquid causing a flooding in the evaporator at a given heat input. To avoid the flooding 

condition and to achieve the capillary mode, more heat input [more evaporation, ṁv in Eq. 

(4-6)] is required to consume the liquid influx. With the decrease in the valve coefficient 

from 0.32 to 0.01 m3h-1bar-0.5, the onset of capillary mode increases from 104.9 to 157.3 

W/cm2 at the pump flow rate of 7.5 g/s as shown in Fig. 4.4-3. 

4.4.4 Active flow control 

As described in Sections 4.4.2 and 4.4.3, the pressure balance between the liquid 

and vapor phases in the evaporator determines the heat transfer mode and the heat flux 

limitation of the HTPL. The pressure balance determines the capillary pumping head (Δpc) 

in the evaporator wick which is a crucial parameter characterizing the operating condition 

of the evaporator. When the applied heat input (q̎in) is below the onset of capillary mode 

(q̎c,os), the heat transfer mode of the evaporator is in the flooded condition without a 

capillary pressure head (Δpc=0) as shown in Fig. 4.4-1(b). Above q̎c,os, the evaporator is in 

the capillary mode with capillary action (Δpc>0). The capillary mode is the desirable 

operating condition for the HTPL because the capillary action passively maintain a thin 

liquid layer in the evaporator wick resulting in a stable evaporation with a low thermal 

resistance of the evaporator [Rt,wb in Fig. 4.4-1(b)]. The capillary mode can be sustained as 

long as the capillary pumping head is higher than zero and lower than the maximum 

capillary pumping head (0<Δpc< Δpc,max) for given heat input conditions. And the capillary 

pumping head can be adjusted by controlling the pump flow rate (ṁp) as shown in Fig. 4.4-
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2(c). When the applied heat input is 87.4 W/cm2 and 4.2 g/s flow rate, the evaporator is in 

the capillary mode with the capillary pressure head of 4.5 kPa. As the pump flow rate 

increases to 5.0 g/s, without change in the heat input, the capillary pumping head decreases 

to 2.8 kPa. However, if the flow rate is increased too much, the evaporator may be flooded, 

for instance, at 7.5 g/s flow rate and the heat input of 87.4 W/cm2, the evaporator is in the 

flooded mode without capillary pumping as shown in Fig. 4.4-2(c). It means that there 

exists specific range of pump flow rate to obtain the capillary mode for given heat input 

condition and the capillary pressure head can be used to determine the heat transfer 

condition of the evaporator. 

In order to obtain a wide operating range of the capillary mode for the HTPL, an 

active flow control algorism was developed as shown in Fig. 4.4-4. The control algorithm 

is designed to maintain a certain value of capillary pumping head (Δpc,set) by regulating the 

pump flow rate (ṁp) so that the capillary mode can be sustained for given heat input 

conditions. The algorithm starts from checking the capillary pressure head [Δpc in Eq. (4-

6)]. If the measured capillary pumping head is lower than the setting value (Δpc<Δpc,set), 

the evaporator is close to the flooded mode rather than the capillary mode, therefore, the 

pump flow rate is needed to be reduced to increase the demand of capillary pumping head. 

However, if the current flow rate is lower than the minimum setting value (ṁp<ṁp,min), PI 

controller acquires a setpoint as the minimum flow rate (SP=ṁp,min) and a processed value 

as the pump flow rate (PV=ṁp) to keep the flow rate above the minimum setting value. On 

the other hand, if the flow rate is higher than the minimum setting value (ṁp>ṁp,min), PI 

controller obtains the setpoint as the set value of the capillary pressure head (SP=Δpc,set) 

and the processed value as the measured capillary pressure head (PV=Δpc). To match the 
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processed value with the setpoint (PV=SP), the PI controller decrease the pump input 

voltage as a result of updated control signal calculated by summing the P-term [Kpe(t)] and 

I-term [
0

( )

t
pK

e t dt
  ]. 

If the measured capillary pressure head is higher than the setting value (Δpc>Δpc,set), 

since the heat transfer condition is closer to the capillary limit (dryout), rather than the 

flooded mode, more flow rate is required to supply more liquid to the evaporator. However, 

if the pump flow rate is higher than the maximum set value (ṁp>ṁp,max), the PI controller 

obtains SP and PV as ṁp,max and ṁp, respectively, to sustain the flow rate below the 

maximum. If it is lower than the maximum set value (ṁp<ṁp,max), the PI controller controls 

the capillary pressure by taking the setpoint as the set value of capillary pressure head 

(SP=Δpc,set) and the processed value as the capillary pressure head (PV=Δpc). The setting 

value of the capillary pressure head is set as 3 kPa which is a moderate operating condition 

for the capillary mode between the flooded mode and the dryout condition according to the 

measurement results in Fig. 4.4-2(c). 

The proportional gain ( , pp mK ) and the time constant (
pm ) for the pump flow rate 

controls, when PV=ṁp and SV= ṁp,min or ṁp,max, are set as 0.01 and 0.001, respectively 

while the proportional gain ( , cp pK  ) and the time constant (
cp ) for the capillary pressure 

head control, when PV=Δpc and SV= Δpc,set, are set as -0.02 and 0.01, respectively. The 

maximum (ṁp,max) and the minimum (ṁp,min) flow rates in Fig. 4.4-4 are set as 2.5 g/s and 

7.5 g/s, which is the range of the flow rate for the flow meters; one is in the liquid supply 

line (Fp) and other is in the liquid return line [Fr in Fig. 4.1-1(a)], respectively. 
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Figure 4.4-4 Effect of valve coefficient on capillary heat flux limit and onset of capillary 

mode 

 

Figures 4.4-5(a) and (b) show the results controlled by the active flow algorithm 

and the constant pump flow rate control, respectively, with the valve coefficient (Cv) of 

0.04 m3h-1bar-0.5. For the constant flow rate control case, the pump flow rate was 

maintained as 7.5 g/s for heat inputs varying from 17.5 to 201 W/cm2 as shown in Fig. 4.4-

5(a). In the range of heat input between 17.5 and 139.8 W/cm2, the evaporator is flooded 

without the capillary pumping head (Δpc=0). Above 139.8 W/cm2, the evaporator is in the 

capillary mode with the positive capillary pumping head (Δpc>0). The pumping head rises 

with the increase in the heat input and declines as the heat input decreases. 

On the other hand, the active control algorithm regulates the pump flow rate for 

varying heat input conditions as shown in Fig. 4.4-5(b). In the range of heat input between 
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52.3 and 157.3 W/cm2, elapsed time range from 65 to 185 minutes, the active algorithm 

maintains the capillary pumping head as the setting value by regulating the pump flow rate 

as shown in Fig. 4.4-5(b). Above 157.3 W/cm2, the pump flow rate is limit is by the 

maximum (ṁp,max), therefore, the capillary pumping head changes responding to the heat 

input change. In a similar manner, below 52.4 W/cm2, the pump flow rate is restricted by 

the minimum (ṁp,min) so that the capillary pumping head decrease below the setting value 

in response to the decreasing heat input. With the minimal pump flow rate (ṁp,min=2.5 g/s) 

controlled by the active algorithm, the capillary mode starts at the low heat input of 26.2 

W/cm2 while the capillary mode for the constant flow rate case (ṁp =7.5 g/s) begins at 

139.8 W/cm2. As a result, the active flow control provides a substantial extend of the 

operating range for the capillary mode in comparison with the constant flow case as shown 

in Figs. 4.4-5 (a) and (b).  
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(a) 

 

(b) 

Figure 4.4-5 Comparison between the (a) constant pump flow control and the (b) active 

pump control for varying heat input showing the operating range for the capillary mode 

(Cv=0.04 m3h-1bar-0.5)  
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Besides the wider operating range for the capillary mode, the active algorithm saves 

the pumping power consumption (Ėp) with the less pump flow rate at low heat inputs 

compared with the constant flow rate case as shown in Fig. 4.4-6. The averaged power 

consumptions for the constant pump flow and the active flow control cases are 4.77 W and 

2.47 W, respectively, resulting in 48% power saving with the active flow scheme. The 

amount of the power saving is green colored in Fig. 4.4-6. 

The thermal resistances (Rt,wb) and the temperatures of the heat source (TH) and 

vapor chamber (T6) for the constant flow rate and active flow control cases are compared 

in Fig. 4.4-7. As mentioned in Section 4.4.2, with a less pump flow rate, the amount of 

heat input for the end of cold-start operation (q̎e,cs) declines due to a less liquid flooding. 

While q̎e,cs of the constant flow rate case (7.5 g/s) is measured to be 52.3 W/cm2, that of 

the active flow control case is measured to be 17.5 W/cm2 with the less flow rate of 2.5 g/s. 

With the lower q̎e,cs, the active flow case has the lower thermal resistance, in the range of 

heat input from 26.2 to 61.2 W/cm2 (elapsed time range from 20 to 96 min.) as shown in 

Fig. 4.4-7, although the active case consumes less pumping power in that range as shown 

in Fig. 4.4-6. 

As shown in Fig. 4.4-7, at the low heat input of 17.5 W/cm2, the thermal resistance 

of the active flow control case is 1.23 K-cm2/W, while that of constant flow case is 0.68 

K-cm2/W. Since the both cases are in the condition of the cold-start operation, the constant 

flow case with the higher pump flow rate (7.5 g/s) has the lower thermal resistance at the 

low heat input of 17.5 W/cm2. As the heat input increases above 61.2 W/cm2, the elapsed 

time range between 96 and 385 minutes, the thermal resistances of the both cases approach 

each other as the heat input increases because the pump flow rate of the active flow control 
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is getting closer to that of the constant flow case. 

The maximum heat source temperatures (TH) for the constant flow and the active 

flow control cases are 116.3 and 115.9˚C, respectively, at the high heat input of 201 W/cm2 

(elapsed time range between 233 and 248 minutes), while the minimums are 30.5 and 

43.8˚C, respectively, at the low heat input (elapsed time range between 20 to 36 minutes) 

as shown in Fig. 4.4-7. The difference between the maximum and minimum heat source 

temperatures of the active flow control case is 72.1˚C (=115.9-43.8) while that of the 

constant flow rate case is 85.8˚C (=116.3-30.5) for the heat input range between 17.5 and 

201 W/cm2. The less temperature difference with the active flow control scheme is 

favorable to thermal management of heat source applications, especially for a longer life-

time, because of the less transient thermal stress under dynamically varying heat input 

condition. 

 

Figure 4.4-6 Comparison between the constant pump flow control (7.5 g/s) and the 

active pump control for varying heat input showing the pump flow rate and the pumping 

power consumption (Cv=0.04 m3h-1bar-0.5) 
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Figure 4.4-7 Comparison between the constant pump flow control (7.5 g/s) and the 

active pump control for varying heat input showing the thermal resistance and the heat 

source temperature (Cv=0.04 m3h-1bar-0.5) 

 

In order to evaluate a robustness of the active flow control algorithm, on-off heat 

input condition, zero to 157.3 W/cm2, was applied to the HTPL system. Under the on-off 

heat input condition, (a) the pump flow rate and capillary pressure head and (b) temperature 

profiles were shown in Fig. 4.4-8. The system starts from a zero heat input and the pump 

flow rate is maintained at the minimum (ṁp,min=2.5 g/s). Since there is no heat input, the 

evaporator is flooded without the capillary pressure head (Δpc=0). After 5 minutes, the heat 

input increases from 0 to 157.3 W/cm2 for 1 seconds. With the sudden increase in the heat 

input, the capillary pressure head surges due to an increased demand of liquid supply for 

more evaporation [ṁv in Eq. (4-6)]. the active control algorithm rapidly increases the pump 

flow rate over 6 g/s responding to the upsurge in the capillary pressure head. The heat input 

of 157.3 W/cm2 is maintained for 15 minutes and the average capillary pressure head is 

maintained as the setting value (Δpc,set=3 kPa) by regulating the pump flow rate as shown 
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in Fig. 4.4-8(a). The system temperatures also rise rapidly with the sudden increase in the 

heat input and get stabilized without a temperature overshoot as shown in Fig. 4.4-8(b). 

 

 
(a) 

 

(b) 

Figure 4.4-8 Active flow control scheme under transient on-off heat input showing 

controlled (a) pump flow rate, capillary pressure, (b) temperature profiles (Cv=0.04 m3h-

1bar-0.5)  
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4.5 SUMMARY 

The mechanical-capillary-driven (Hybrid) two-phase cooling loop (HTPL) was 

tested to investigate the characteristics of heat transfer mode transition and the capillary 

heat flux limit. The capillary pressure head in the monolayer evaporator wick was 

measured and used as a criterion for determining the heat transfer condition in the 

evaporator. It was shown that the heat transfer condition in the evaporator shifts from the 

flooded to the capillary modes and ended up in dryout (capillary heat flux limit) as applied 

heat input increases. The onset of capillary mode and the capillary heat flux limit 

proportionally increases with an increase in the pump flow rate and a decrease in flow 

coefficient of the valve in the liquid return line. The highest capillary limit was measured 

to be 227.2 W/cm2 at 7.5 g/s pump flow rate with the valve coefficient of 0.01 m3h-1bar-0.5. 

The ultimate heat flux limit of the HTPL, the boiling limit, was calculated to be 479.1 

W/cm2 which can be achieved by more pump flow rate.  

An active flow control algorithm was developed to extend the operating heat flux 

range for the desirable heat transfer condition (capillary mode), and to overcome the cold-

start operation of the HTPL. The heat flux range for the capillary mode of the active flow 

control case is 174.8 W/cm2 (from 26.2 W/cm2 to 201 W/cm2) while that of the constant 

flow rate case is 61.8 W/cm2 (from 139.8 W/cm2 to 201 W/cm2) at 7.5 g/s pump flow rate 

and the valve coefficient of 0.04 m3h-1bar-0.5, which is 182.8% improvement. The end of 

the cold-start of the active flow control case is 17.5 W/cm2 which is 66% lower than that 

of the constant flow rate case (52.4 W/cm2). Furthermore, the pumping power consumption 

was saved by 48% with the active flow control algorithm compared with the constant flow 

rate case. The robustness of the active flow control algorithm was examined by a dynamic 
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on-off heat input cycle from 0 to 157.3 W/cm2; the active algorithm successfully maintains 

the capillary pressure head as the setting value without temperature overshooting.  
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5 CHAPTER 5: SESSILE DROPLET EVAPORATION: 

NUMERICAL AND EXPERIMENTAL INVESTIGATION 

In this chapter, a comprehensive numerical model was proposed to investigate the 

droplet evaporation process in an ambient atmosphere. Effects of the Marangoni stress and 

natural convection are numerically analyzed. The numerical result is validated with an 

experimental result of an evaporating water droplet on a hydrophobic surface. The effect 

of droplet contact angle, substrate thermal conductivity, and ambient humidity on the 

droplet evaporation process are comprehensively discussed in this chapter 

 

5.1 EXPERIMENTAL METHOD 

Water droplet (Deionized water) contact angle and volume were measured were 

measured by an optical Tensiometer (Biolin Scientific, T200). The ambient temperature 

and humidity were measured by a T-type thermocouple and a humidity sensor (Honeywell, 

HIH-4000-003), respectively. The humidity sensor and thermocouples were connected to 

a data acquisition system (National Instruments, NI USB-6000). The LabVIEW system 

design platform (NI LabVIEW 2018) was used to acquire and process the experimental 

data. 

A silicon water (25.4 mm diameter and 0.45 mm thickness) was coated by a porous 

polymethyl methacrylate (PMMA) to serve as a hydrophobic surface used in the 

experiment. The silicon water was cleaned by a low-pressure plasma system (Diener, 

ZEPTO), hydrogen gas was used as a plasma source. A mixture of PMMA (AA4396918, 

Fisher Scientific) (30 w/w%) and polystyrene (PS) atactic (AA4453718, Fisher Scientific) 

(70 w/w%) was dissolved in tetrahydrofuran (THF) whose temperature was maintained as 
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70˚C temperature for an hour. The solution was applied on the silicon substrate and dried 

in a vacuum chamber for an hour. Then the sample was exposed to cyclohexane at 70˚C 

for 20 min. The details of the coating process was reported in the literature [81]. 

Fig. 5.1-1 shows measurement results of contact angle on a bare silicon water and 

the porous PMMA coated silicon wafer. The water contact angle on the bare silicon 

substrate was measured as 43.9˚, contact angle of 49˚ was reported from the other literature 

[82]. The measured contact angle on the porous PMMA coated surface was 147.3˚. Water 

contact angle of 154˚ on a porous PMMA coated glass was reported in the literature [81]. 

The microscopic images of the coated surface are shown in Fig. 5.1-2. 

 

 

 (a) (b) 

Figure 5.1-1 Water sessile droplet on a (a) bare silicon wafer and the (b) porous PMMA 

coated silicon wafer 

  

Figure 5.1-2 Microscopic images of the porous PMMA coated silicon water 
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5.2 NUMERICAL MODELING 

CFD (computational fluid dynamics) simulations were performed using a 

commercial package, ANSYS FLUENT 2019 R2 [83], with user-defined codes to simulate 

the heat and mass transfer for the droplet evaporation process. The simulation domains are 

composed of gas, solid and liquid phases as shown in Fig. 5.2-1. The entire domain was 

assumed to be axisymmetric. It was assumed that the evaporation takes place in a quasi-

steady state because of the slow motion of a liquid-gas interface induced by the slow 

evaporation process of a water droplet [58, 64, 65].  

 

Figure 5.2-1 Boundary conditions of CFD simulation for droplet evaporation 

 

The energy equation for the heat conduction in the solid domain is given by 

( ) 0sk T  =
, (5-1) 

The no-slip boundary condition was used for the solid-liquid and the solid-gas interfaces. 

An adiabatic boundary condition was used at the bottom of the solid substrate. The 
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contributions of the porous PMMA layer on the silicon wafer was neglected. 

The liquid flow in the water droplet was assumed as incompressible and laminar. 

The pressure-based solver was used to solve the governing equations (continuity, 

momentum, and energy equation) which are given by 

( ) ,l l m lv S =
, (5-2) 

2

l l l l l lv v p v g   = − +  +
, (5-3) 

( ) ( ) ,l l l l H lh v k T S =   + , (5-4) 

where kl and ρl are the thermal conductivity and density of the liquid phase. The 

temperature dependence of the liquid density is modeled by the Boussinesq approximation 

to simulate natural convection in the liquid domain [76]. lv  and g  are the liquid velocity 

and the gravitational acceleration vector. p, T and hl are the liquid pressure, temperature, 

and enthalpy, respectively. SH,l and Sm,l are the heat source and mass source terms, 

respectively. The mass source term is given by 

,

,

v c
m l

c l

m A
S

V


= −

, (5-5) 

where Ac is the face area of a cell adjacent to the liquid-gas interface. Vc,l is a liquid cell 

volume adjacent to the interface. m̎v is the evaporation mass flux at the interface. The heat 

source term [in Eq. (5-4)] is given by 

, , ,H l m l l fg m lS S h h S= +  , (5-6) 

where Δhfg is the latent heat of vaporization and hl is the liquid enthalpy, respectively. The 

Marangoni stress at the liquid-gas interface is given by 

m lv

d
T

dT


 =  , (5-7) 
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where σ is the surface tension and lvT  is the temperature gradient along the liquid-gas 

interface, respectively. The derivative of the surface tension with respect to temperature 

(dσ/dT) was -0.148×10-3 N/m-K in the temperature range from 10 to 30˚C [84]. The fluid 

properties used in the numerical model are listed in Table 5.2-1. At the liquid-gas interface, 

the velocity of the two fluids must be equal which [81] is given by 

g l lvlv
v v=

. (5-8) 

The flow in the gas domain is assumed to be laminar and incompressible. The 

continuity, momentum, and energy equations are given in Eqs. (5-2), (5-3), and (5-4), 

respectively. Mass fraction of the water vapor in air mixture was assigned as a user-defined 

scalar of ANSYS FLUENT to simulate mass transport in the gas domain whose governing 

equation is given by 

( ) ( )v g vw v D w =   , (5-9) 

where wv and D are the mass fraction and mass diffusivity of water vapor in the air mixture, 

respectively. The mass diffusivity is given by, 

1.5

r

r

T
D D

T

 
=  

  , (5-10) 

where Tr and Dr are the reference temperature and diffusivity which are 293.15 K and 

2.01×10-5 m2/s, respectively. The reference properties are listed in Table 5.2-1. The density 

of air-vapor mixture is calculated by the ideal gas law [85] which is given by 

g v
g v a

v

p
M

RT M


 

 
= + − 

  , (5-11) 

where ρv is the density of water vapor. Ma and Mv are the molar mass of the dry air and 

water vapor. pg is the pressure of the air mixture and R is the universal gas constant, 
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respectively. The water vapor mass fraction at the liquid-gas interface is assumed to be 

saturated, 100% relative humidity, which is given by 

( )
,

, ,

v sat v

v lv

g v sat a v sat v
lv

p M
w

p p M p M

 
 =
 − +
 

, (5-12) 

where pv,sat is the saturation pressure of water vapor, calculated by the Clausius-Clapeyron 

equation [86], which is given by 

,

1 1
exp

v fg

v sat r

r

M h
p p

R T T

   
= −   

  
, (5-13) 

where pr is the reference pressure of saturated water vapor at the reference temperature 

(Tr=293.15 K), which is 2413 Pa. The relative humidity is given by, 

,

v

v sat

p

p
 = . (5-14) 

The evaporation mass flux at the liquid-gas interface [85] is given by 

1

1
v g v

v lv

m D w
w


 

 = −  
− 

, (5-15) 

Note that -ρgD∇wv is the mass diffusion term and 1/(1-wv) represent evaporation 

enhancement due to the Stefan flow [85], wv is always less than 1 in the ambient air, and 

therefore 1/(1-wv) is always more than 1. The mass source term due to the evaporation in 

the gas domain is given by 

,

,

v c
m g

c g

m A
S

V


=

, (5-16) 

where Vc,g is the gas cell volume adjacent to the liquid-gas interface. The energy source of 

the gas domain due to the evaporation is given by 

, ,H g m g lS S h= . (5-17) 
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Table 5.2-1 Fluid properties 

Parameter Symbol Value 

Universal gas constant [J/mol-K] R 8.3145 

Molar mass [kg/mol]   

Water Mv 0.018 

Dry air Ma 0.029 

Surface tension gradient [N/m-K] dσ/dT -0.148×10-3 

Reference properties at Tr=293.15 K   

Saturation pressure of water vapor [Pa] pr 2413 

Mass diffusivity of water vapor [m2/s] Dr 2.01×10-5 m2/s 

 

5.3 RESULTS AND DISCUSSION 

5.3.1 Model validation 

In this section, the numerical model is validated with the experimental results. 

Water droplet evaporation process on a porous PMMA coated silicon substrate was tested 

under ambient conditions of 23.2% relative humidity and 23.3˚C temperature. Fig. 5.3-1 

shows the measured droplet volume and contact angle during the evaporation process. The 

initial volume and contact angle were 2.42 μL and 147.5˚, respectively. The droplet volume 

and contact angle decreased as the evaporation progressed and then completely dried after 

25 minutes. 



107 

 

Figure 5.3-1 Measured volume and contact angle of water droplet on a porous PMMA 

coated silicon substrate. Relative humidity (φꝏ) and temperature (Tꝏ) of ambient air were 

maintained as 23.2% and 23.3˚C 

 

The evaporation rate as a function of volume is shown in Fig. 5.3-2. Seven data 

points were used for the numerical simulation conditions as shown in Table 5.3-1. The 

measured contract angle and volume were used to generate droplet structure with a 

spherical shape assumption [63]. The baseline conditions for the numerical simulation is 

listed in Table 5.3-2. There are two dominant driving force for the fluid flow in the gas 

and liquid domains: one is the Marangoni flow [τm in Eq. (5-7)] driven by surface tension 

gradient and the other is the buoyancy-driven natural convection [ g in Eq. (5-3)]. In 

order to estimate the effect of Marangoni stress and the natural convection separately, four 

simulation cases were considered as listed in Table 5.3-3. Both the Marangoni stress and 

the natural convection were neglected in Case A which is a baseline condition to estimate 

the both effects. The Marangoni stress was not considered in Case B but the natural 

convection. Case C only considered the Marangoni stress without the natural convection. 

Case D considered the both effects. The evaporation rate enhancement is calculated by 
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, ,

,

100
v i v A

i

v A

m m

m


−
=  . (5-18) 

where i is index of the case numbers which can be B, C, and D. εB is the evaporation 

enhancement due to natural convection and εC is the Marangoni stress effect on the 

evaporation rate. εD is the enhancement due to the both effects. 

The numerical and experimental results for the droplet evaporation were compared 

in Fig. 5.3-2. The present model agreed well with the experimental results; the maximum 

prediction error for Case D was 11.9% for 0.5 μL volume and the minimum was 3.1% for 

2.4 μL. Case D shown the highest evaporation rate, Case C was the second and Case B was 

the third, and Case A shown the lowest evaporation rate for entire volume range. The 

effects of natural convection on the evaporation rate [εB in Eq. (5-18)] were 1.43% for 2.4 

μL volume and 0.47% for 0.25 μL, respectively. On the other hand, the enhancements due 

to the Marangoni flow (εC) were 10.3% and 5.4% for 2.4 and 0.25 μL volumes. The 

enhancement due to the both effects (εD) are 12.5% and 6% for 2.4 and 0.25 μL volumes. 

As a result, the Marangoni stress and the natural convection effects increase, as the 

contact angle and the volume increased. While the natural convection effect on the 

evaporation rate was not significant which was less than 1.4%, the Marangoni stress 

enhanced the evaporation rate up to 10.3% for 2.4 μL droplet. More details about the 

Marangoni stress is discussed in Section 5.3.2. 
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Figure 5.3-2 Comparison between the experimental and numerical results regarding to 

evaporation rate of water droplet on a porous PMMA coated silicon wafer under the 

ambient temperature and humidity of 23.3˚C and 23.2% 

 

Table 5.3-1 Measured droplet volumes and contact angles used for the numerical 

model validation 

Droplet volume,  

V [μL] 

Contact angle,  

θc [˚] 

2.4 147.3 

2.0 143.8 

1.5 137.9 

1.0 129.2 

0.75 121.9 

0.5 114.8 

0.25 101.6 
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Table 5.3-2 Baseline conditions for the numerical simulation 

Droplet 

volume, 

V [μL] 

Contact angle, 

θc [˚] 

Substrate 

material 

Substrate 

thickness, 

δs [mm] 

Ambient 

humidity 

φꝏ [%] 

Ambient 

temperature 

Tꝏ [˚C] 

2.4 147.3 
Silicon 

(ks=149 W/m-K) 
0.45 23.2 23.3 

 

Table 5.3-3 Simulation cases for the effect estimation of the Marangoni stress and 

natural convection 

Case name Marangoni stress  Natural convection 

A OFF OFF 

B OFF ON 

C ON OFF 

D ON ON 

 

Fig. 5.3-3 shows the numerical result of Case D showing the distributions of 

velocity vector, temperature, and mass fraction of water vapor for 2.4 μL droplet volume 

and 147.3˚ contact angle. Since the liquid-gas interface has a 100% relative humidity [high 

vapor mass fraction, v lv
w  in Eq. (5-12)], the vapor mass is transported from the interface 

to the surrounding air [m̎v in Eq. (5-15)]. The mass diffusion causes an evaporative cooling 

[SH,l in Eq. (5-6)] at the liquid-gas interface. Therefore, the liquid-gas interface is a heat 

sink having a lowest temperature in the entire domain as shown in Fig. 5.3-3(a). The 

ambient air is a heat source and there are two heat flow to the heat sink (liquid-gas 

interface). One is the heat directly transferred from the surrounding air to the liquid-gas 

interface. The other heat flow is transferred from the air to the substrate by convection and 
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then moved towards the droplet by conduction, and passed through the solid-liquid 

interface.  

While the heat transfer rate at the liquid-gas interface from the surrounding air (qlv) 

is 0.64 mW, the heat transfer through the solid-liquid interface (qsl) is 5.27 mW which is 

89% of the total heat transfer rate as shown in Fig. 5.3-3(a). The solid domain is a silicon 

substrate having a high thermal conductivity (ks=149 W/m-K) and a larger contact area 

with the gas domain which is a good heat spreader like a fin allowing the large amount of 

heat transfer (qsl) with the low thermal resistance. 

 

 (a) (b)  (c) 

Figure 5.3-3 Numerical simulation result showing distributions of (a) temperature, (b) 

velocity vector, and (c) mass fraction during the droplet evaporation (Case D, V=2.4 μL, 

θc=147.3˚, ks=149 W/m-K, φꝏ =23.2%, Tꝏ=23.3˚C) 

 

Fig. 5.3-4 shows the heat flux and temperature profile along the solid-liquid and 

the solid-gas interfaces. The solid-liquid interface is from x=0 to 0.45 mm and the solid-

gas interface is from 0.45 mm to 160 mm. The heat from the gas domain is transferred to 

the solid domain through the solid-gas interface (q̎sv) and flows toward the droplet by 
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conduction. The transferred heat passes through the solid-liquid interface (q̎sl) to feed 

evaporation. The heat flux distribution along the solid-liquid interface is shown in Fig. 5.3-

4. There is a peak of heat flux near the three-phase contact line (x=0.45 mm) where 

evaporation occurs. 

Fig. 5.3-5 shows the heat flux and temperature profiles along the liquid-gas 

interface. Because most of the heat is supplied from the solid (qsl), the temperature near the 

three-phase contact line is the highest and at the apex of the droplet has the coldest 

temperature. The three-phase contact line is the best location for getting the heat supply 

from the substrate because it directly touches the solid phase, therefore the maximum heat 

flux was observed near the three-phase contact line as shown in Fig. 5.3-5. 

 

Figure 5.3-4 Numerical simulation result showing the temperature and heat flux profiles 

along the solid-liquid and solid-gas interfaces (Case D, V=2.4 μL, θc=147.3˚, ks=149 

W/m-K, φꝏ =23.2%, Tꝏ=23.3˚C) 
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Figure 5.3-5 Numerical simulation result showing temperature and heat flux profiles 

along the liquid-gas interface (Case D, V=2.4 μL, θc=147.3˚, ks=149 W/m-K, φꝏ =23.2%, 

Tꝏ=23.3˚C) 

 

The temperature gradient along the liquid-gas interface (Fig. 5.3-5) causes the 

surface tension gradient since it is a function of temperature. As shown in Fig. 5.3-6, the 

surface tension is the lowest near the three-phase contact line because of the highest 

temperature and the highest at the apex of the droplet due to the low temperature. The 

surface tension gradient causes the Marangoni driven flow [τm in Eq. (5-7)] from the three-

phase contact line to the top of the droplet along the liquid-gas interface as shown in Fig. 

5.3-3(b). In the gas side, the upward flow by the Marangoni stress causes a clock-wise 

vortex with the gas influx from the outside to the three-phase contact line. 

Fig. 5.3-7 shows the distributions of the evaporation mass flux and mass faction of 

the water vapor along the liquid-gas interface. The maximum mass flux is observed near 

the three-phase contact line because of the high heat supply (Fig. 5.3-4) from the solid 

substrate. The mass fraction is a function of temperature [Eq. 5-12 and 5-13] therefore, the 

three-phase contact line has the maximum mass fraction and the droplet top has the 
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minimum as shown in Fig. 5.3-7.  

 

 

Figure 5.3-6 Numerical simulation result showing the surface tension and velocity 

profiles on the liquid-gas interface (Case D, V=2.4 μL, θc=147.3˚, ks=149 W/m-K, φꝏ 

=23.2%, Tꝏ=23.3˚C) 

 

 

Figure 5.3-7 Numerical simulation result showing the mass flux and mass faction of 

water vapor along the liquid-gas interface (Case D, V=2.4 μL, θc=147.3˚, ks=149 W/m-K, 

φꝏ =23.2%, Tꝏ=23.3˚C) 
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5.3.2 Marangoni stress effect 

In this section, the Marangoni stress and the natural convection effect on the droplet 

evaporation process are investigated. The contact angle was assumed as a constant (147.3˚) 

for the entire evaporation process in this section. The conditions for the numerical 

simulation except for the volume are listed in Table 5.3-2.  

Two driving forces exist for the liquid and gas flows during the evaporation process: 

one is the Marangoni stress and the other is natural convection. The surface tension gradient 

due to temperature gradient along the liquid-gas interface causes the Marangoni driven 

flow as shown in Fig. 5.3-6. The temperature gradient in the liquid and the gas domains 

also causes a density gradient which causes the buoyancy-driven natural convection. In 

order to estimate the two forces independently, four simulation cases (A-D) were used as 

shown in Table 5.3-3. The details about the four cases are described in the previous section 

(5.3.1). 

The evaporation rate and the enhancements for the simulation cases are shown in 

Fig. 5.3-8. The evaporation rate decreased as the droplet volume decreased because of the 

reduced area of liquid-gas and solid-liquid interfaces for the heat and mass transfer for the 

droplet evaporation process. With respect to the evaporation rate, Case A shown the lowest 

among the other cases (B, C, and D). Since the Marangoni stress and natural convection 

are neglected, the evaporation is the only driving force for the flow in the gas domain as 

shown in Fig. 5.3-9(a). The mass source in the gas domain [Sm,g in Eq. (5-16)] induces a 

flow toward the ambient air from the liquid-gas interface. 
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Figure 5.3-8 Effects of the Marangoni stress and natural convection on droplet 

evaporation on a silicon substrate (ks=149 W/m-K). Contact angle (θc) and ambient 

relative humidity (φꝏ) and temperature (Tꝏ) were 147.3˚, 23.2%, and 23.3˚C 

 

With the natural convection (Case B), as shown in Fig. 5.3-9(b), there is an 

ascending liquid flow from the center of the liquid bottom (the hottest spot, see Fig. 5.3-

10) to the top (the coldest spot) which is driven by the buoyant force. The cold temperature 

near the droplet apex also causes a descending air flow, driven by the natural convection, 

which form an air vortex with the evaporation driven flow as shown in Fig. 5.3-9. Since 

the magnitude of natural convection is a function of a vertical height [85], the natural 

convection effect is getting less significant as the droplet volume and thus the height 

decreases. As shown in Fig. 5.3-8, the evaporation rate enhancement due to the natural 

convection [εB in Eq. (5-18)] decreased from 1.43% to 0.38%, as the droplet volume 

decreased from 2.4 μL to 0.25 μL.  

With the Marangoni stress effect [Case C in Fig. 5.3-9(c)], the flow direction in the 

liquid domain is from the three-phase contact line to the droplet apex along the liquid-gas 
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interface which is opposite to the flow pattern driven by the natural convection shown in 

Fig. 5.3-9(b). In the gas side, the upward flow by the Marangoni stress causes a clock-wise 

vortex with the gas influx from the outside to the three-phase contact line. The average 

velocity in the liquid droplet of Case C was calculated to be 7.90 mm/s which is 691 times 

of that of Case B, 1.14×10-2 mm/s. With the strong liquid circulation due to the Marangoni 

flow, the temperature distribution of Case C is more uniform than that of Case B as shown 

in Figs. 5.3-10(b) and (c). The average evaporation enhancement of Case C (εC) for the 

volume range from 2.4 to 0.25μL was 10.2% while that of Case B was 0.85% as shown in 

Fig. 5.3-8. This is because the Marangoni flow enhanced the heat transfer from the 

substrate to the liquid-vapor interface resulting in enhancement of evaporation. As shown 

in Fig. 5.3-11, the heat flux through the solid-liquid interface of Case C is much higher 

than that of Case B and A. 

The evaporation of Case D considering both the Marangoni and natural convection 

was calculated to be 2.42×10-9 kg/s which is the highest rate among the all cases. The 

evaporation rate of Case D is 1.97% higher than that of Case C. The all simulation results 

of Case D are similar to that of Case C rather than Case B which means that the Marangoni 

stress effect is more dominant than natural convection effect. The evaporation 

enhancement of Case D (εD) was calculated to be 12.5%.  
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 (a) (b)  (c)  (d) 

Figure 5.3-9 Effects of the Marangoni stress and natural convection on the velocity 

vector distributions for Cases (a) A, (b) B, (c) C, and (d) D (V=2.4 μL, θc= 147.3, ks=149 

W/m-K, φꝏ =23.2%, Tꝏ=23.3˚C) 

 

 

 (a) (b)  (c)  (d) 

Figure 5.3-10 Effects of the Marangoni stress and natural convection on the temperature 

distributions for Cases (a) A, (b) B, (c) C, and (d) D (V=2.4 μL, θc= 147.3, ks=149 W/m-

K, φꝏ =23.2%, Tꝏ=23.3˚C) 
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Figure 5.3-11 Numerical simulation result showing the effects of the Marangoni flow 

and natural convection on heat flux profiles along the solid-liquid and solid-gas interfaces 

(V=2.4 μL, θc= 147.3, ks=149 W/m-K, φꝏ =23.2%, Tꝏ=23.3˚C) 

5.3.3 Contact angle effect 

The effect of contact angle on the droplet evaporation is estimated in this section. 

Droplet evaporation of 2.4 μL volume for varying contact angles from 30 to 170˚ were 

numerically analyzed. The substrate material was silicon whose thickness was 0.45 mm. 

Ambient humidity and temperature were maintained as 23.2% and 23.3˚C, respectively. 

The baseline simulation parameters are listed in Table 5.3-2. 

The effect of contact angle on the evaporation rate are shown in Fig. 5.3-12. For 

the hydrophobic contact angles (θc>90˚), the evaporation rate decreased as the contact 

angle increased because of the reduced solid-liquid interface and thus less effective heat 

transfer from the substrate. As shown in Fig. 5.3-13, while the heat transfer through the 

solid-liquid interface (qsl) for 90˚ is 5.72 mW, qsl for 170˚ is 1.13 mW. Because of the 

limited heat transfer through the solid-gas interface, the total heat transfer rate and thus the 

evaporation rate for 170˚ contact angle is less than that for 90˚. 
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Figure 5.3-12 Effects of contact angle and the Marangoni and natural convection on the 

droplet evaporation (V=2.4 μL, ks=149 W/m-K, φꝏ =23.2%, Tꝏ=23.3˚C) 

 

 (a) (b)  (c) 

Figure 5.3-13 Simulation results showing temperature distributions during the droplet 

evaporation for contact angles of (a) 30˚, (b) 90, and (c) 170˚ (Case A, V=2.4 μL, ks=149 

W/m-K, φꝏ =23.2%, Tꝏ=23.3˚C)  
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On the other hand, for the hydrophilic contact angles (θc>90˚), the evaporation rate 

increased as the contact angle increased. Although the droplet with 30˚ contact angle has a 

larger solid-liquid interface, the total heat transfer rate for 30˚is less than that for 90˚ as 

shown in Fig. 5.3-13. The difference results from the mass fraction gradient in the gas 

domain surrounding the droplets. As shown in Fig. 5.3-13(a), The temperature distribution 

along the liquid-gas interface is isothermal for the droplet with 30˚ contact angle because 

of the high contact area between the liquid and solid phases and the low droplet height. The 

uniform temperature distribution causes the uniform mass fraction along the liquid-gas 

interface, because it is a function of temperature [ v lv
w  in Eqs. (5-12) and (5-13)], of the 

droplet of 30˚ as shown in Fig. 5.3-14(a). Also, the droplet curvature radius for 30˚ is 3.55 

mm which is 3.4 times of that for 170˚. Since the curvature of the droplet for 30˚ is more 

like flat, the mass fraction gradient is inclined to y direction. On the other hand, the mass 

fraction gradient around the 90˚ droplet is radial direction (x and y directions) resulting in 

more effective diffusion to the surrounding air. The high droplet curvature and the 

homogeneous mass fraction distribution along the liquid-gas interface contribute to form a 

high mass fraction layer surrounding the droplet with 30˚ as shown in Fig. 5.3-14(a). The 

mass fraction layer acts as a mass transfer barrier reducing the mass fraction gradient in the 

surrounding air. On the other hand, with the high temperature gradient and thus the mass 

fraction gradient along the liquid-gas interface and the small curvature radius produce high 

mass fraction gradient around the droplet, shown in Fig.5.3-14(b), resulting in higher 

evaporation rate of 90˚ than that of 30˚. 
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 (a) (b)  (c) 

Figure 5.3-14 Distributions of vapor mass fraction during the droplet evaporation for 

contact angles of (a) 30˚, (b) 90, and (c) 170˚ (Case A, V=2.4 μL, ks=149 W/m-K, φꝏ 

=23.2%, Tꝏ=23.3˚C) 

 

Fig. 5.3-14 shows the mass flux profiles along the liquid-gas interfaces of the 

droplets having different contact angles: 30˚, 90˚, 170˚. The maximum mass flux for 30˚ 

shown the highest mass flux of 2.77×10-3 kg/s-m2 at the three-phase contact line which is 

3 times of the that for 90˚droplet. This is because of the better heat transfer from the 

substrate for the droplet with 30˚ contact angle. This is because the thinner liquid layer near 

the three-phase contact line for the 30˚ droplet has a low thermal resistance and thus an 

effective heat transfer from the substrate resulting in the high mass flux. Except for the 

three-phase contact region, the most of region of the liquid-gas interface for 90˚ shown a 

higher mass flux than that of 30˚ contact angle. This is because of effect of the high mass 

faction band on the droplet of 30˚ as shown Fig. 5.3-13(a). 
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Figure 5.3-15 Mass flux profiles along the liquid-gas interfaces for the droplets with 

contact angles of 30, 90, and 170˚ (Case A, V=2.4 μL, ks=149 W/m-K, φꝏ =23.2%, 

Tꝏ=23.3˚C) 

 

5.3.4 Substrate thermal conductivity effect 

In this section, the effect of the thermal conductivity of the solid substrate on the 

droplet evaporation is discussed. As shown in Table 5.3-4, various substrate materials with 

different thermal conductivities were considered for the numerical simulation. All other 

variables, the substrate thickness, droplet contact angle and volume, and relative humidity 

were set as the baseline conditions in Table 5.3-2.  
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Table 5.3-4 Simulation parameters for the investigation of substrate thermal 

conductivity on the droplet evaporation 

Substrate material 
Thermal conductivity, 

ks [W/m-K] 

Silica aerogel 0.02 

Wood (Balsa) 0.05 

Teflon 0.27 

Soda-lime glass 1.06 

Limestone 2.15 

Quartzite 5.38 

Stainless steel 13.38 

Carbon steel 47.45 

Silicon 149 

Copper 396.6 

 

Fig. 5.3-16 shows the effect of the substrate thermal conductivity on the 

evaporation rate. As the thermal conductivity increased, the evaporation rate also increased 

because of the better heat transfer from the substrate to the droplet. In the range of thermal 

conductivities between 0.05 (Wood) to 13.38 W/m-K (Stainless steel), the conductivity 

effect on the evaporation rate is significant, that the evaporation rate for stainless steel was 

2.31×10-9 kg/s which is 2.3 times of that for wood (1.01×10-9 kg/s). Also, the ratio of heat 

transfer through the solid-liquid interface to the total heat transfer (qls/qtot) was increased 

from 6.73% to 87.0% with the thermal conductivity increase resulting in the huge 

enhancement in the evaporation rate as shown in Fig. 5.3-16. 

However, in the range of thermal conductivities from 13.38 (SS) to 396.6 W/m-K 

(Copper), the enhancement is only 15%, from 2.31×10-9 to 2.42×10-9 kg/s and qls/qtot was 

increased from 87.0% to 89.3%. It means that the effectiveness of heat transfer through the 
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substrate is almost in the maximum in the range therefore, conductivity dependence on the 

evaporation rate is not significant.  

Figs. 5.3-17(a)-(c) show the temperature distributions of droplets on the silica 

aerogel, glass, and silicon, respectively. Because of the low thermal conductivity of silica 

aerogel (0.02 W/m-K), only 2.3% of heat is transferred through the solid-liquid interface 

(qsl) while qsl in the silicon substrate is 89.2% of the total heat transfer rate with the high 

thermal conductivity of 149 W/m-K. The difference in the thermal conductivity caused the 

significant difference in the temperature distribution as shown in Fig. 5.3-17. The 

temperature difference between the ambient air (Tꝏ=23.3˚C) and the droplet (Tl,avg=22.4˚C) 

on the silicon was only 0.9˚C while the temperature difference between the ambient air and 

the droplet on the silica aerogel was 10.2˚C. 

 

Figure 5.3-16 Evaporation rate and heat transfer rates through the liquid-solid and liquid-

gas interfaces for varying substrate thermal conductivities (Case D, V=2.4 μL, θc=147.3˚, 

φꝏ =23.2%, Tꝏ=23.3˚C) 
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 (a) (b)  (c) 

Figure 5.3-17 Simulation results showing temperature distributions of droplets on (a) 

silica aerogel, (b) glass, and (c) silicon (Case D, V=2.4 μL, θc=147.3˚, φꝏ =23.2%, 

Tꝏ=23.3˚C) 

 

As more heat is transferred from the substrate, the evaporation on the three-phase 

contact line increases because the three-phase contact line is located closest to the substrate. 

Fig. 5.3-18 shows the mass fraction profiles along the liquid-gas interfaces for different 

conductivities. A noticeable peak of evaporation mass flux was shown near the three-phase 

contact line for the silicon substrate having high conductivity while the evaporation flux at 

the three-phase contact line for the silica aerogel was almost zero. This is because the heat 

transfer from the aerogel substrate is insulated with the low thermal conductivity as shown 

in Fig. 5.3-17(a). 

The substrate thermal conductivity also affects temperature and velocity profiles on 

the liquid-gas interface as shown in Fig. 5.3-19. With the high thermal conductivity and 

thus the high heat transfer through the solid-liquid interface causes the high temperature 
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difference between the three-phase contact line and the droplet top. For the silicon substrate, 

the maximum temperature on the liquid-gas interface is 23.2˚C near the three-phase contact 

line and the minimum temperature is 21.9˚C on the top of the droplet whose difference is 

1.3˚C while the temperature difference for the silica aerogel is 0.2˚C. Because of the low 

temperature gradient along the liquid-gas interface, the maximum velocity driven by the 

Marangoni stress [τm in Eq. (5-6)] is 2.8×10-3 m/s for the silica aerogel which is one tenth 

of the corresponding velocity for the silicon substrate (24.5×10-3 m/s). 

 

Figure 5.3-18 Simulation results showing the mass flux profiles along the liquid-gas 

interfaces for the droplets on different substrates: silicon, glass, and silica aerogel (Case 

D, V=2.4 μL, θc=147.3˚, φꝏ =23.2%, Tꝏ=23.3˚C) 
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Figure 5.3-19 Simulation results showing the temperature and velocity distributions 

along the liquid-gas interfaces for the droplets on different substrates: silicon, glass, and 

silica aerogel (Case D, V=2.4 μL, θc=147.3˚, φꝏ =23.2%, Tꝏ=23.3˚C) 

 

5.3.5 Relative humidity effect 

The effect of relative humidity on the droplet evaporation is discussed in this 

section. Droplet evaporation of 2.4 μL volume with 147.3˚ contact angle on a silicon 

substrate was numerically estimated for varying relative humidity from 0% to 95%. The 

baseline conditions used for the numerical simulation is listed in Table 5.3-2. 

On the liquid-gas interface of a droplet, air is fully saturated with water vapor, 

whose relative humidity is 100%, therefore, the mass fraction of water vapor adjacent to 

the interface is the highest. The mass fraction diffusion from the interface to the 

surrounding air is the driving force of the evaporation [m̎ in Eq. (5-15)] therefore, the 

evaporation rate of droplet increases as the relative humidity decreased as shown in Fig. 

5.3-20. The maximum evaporation rate was calculated to be 3.18×10-9 kg/s at 0% humidity 

and it decreases linearly as the relative humidity increases. The evaporation rate for 95% 
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humidity was 1.65×10-10 kg/s. 

 

Figure 5.3-20 Numerical calculation result showing the effect of the ambient relative 

humidity on droplet evaporation (Case D, V=2.4 μL, θc=147.3˚, ks=149 W/m-K, 

Tꝏ=23.3˚C) 

Fig. 5.3-21 shows. For the 23.2% humidity condition, a high gradient of mass 

fraction is shown around the liquid-vapor interface as shown in Fig. 5.3-21(a). On the other 

hand, the mass fraction distribution is almost uniform for the 94.7% ambient humidity 

condition as shown in Fig. 5.3-21(c).  

The mass flux distribution along the liquid-gas interface for the humidity conditions 

are shown in Fig. 5.3-22. Since the mass fraction gradient is the driving force of the 

evaporative mass flux [m̎v in Eq. (5-15)], the uniform distribution of the mass fraction for 

94.7% humidity condition [shown in Fig. 5.3-21(c)] results in the low mass flux 

distribution as shown in Fig. 5.3-22 while the 23.2% humidity condition shown a 

noticeably high mass flux distribution. 
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 (a) (b)  (c) 

Figure 5.3-21 Distributions of vapor mass fraction during the droplet evaporation for 

humidity conditions of (a) 23.2%, (b) 52.2%, and (c) 94.7% (Case D, V=2.4 μL, 

θc=147.3˚, ks=149 W/m-K, Tꝏ=23.3˚C) 

 

 

Figure 5.3-22 Simulation results showing the mass flux profiles along the liquid-gas 

interfaces for the ambient humidity conditions: 23.2, 52.2, and 94.7% (Case D, V=2.4 μL, 

θc=147.3˚, ks=149 W/m-K, Tꝏ=23.3˚C) 
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The vapor mass transfer from the liquid to gas domain gives rise to the evaporative 

cooling [Eq. (5-6)]. Because of the lack of evaporation due to the high humidity 

environment of 94.7%, there is a minor cooling effect with a slight temperature difference 

of 0.1˚C between the droplet (Tl,avg=23.2˚C) and the ambient air (Tꝏ=23.3˚C) as shown in 

Fig. 5.3-23(c). On the other hand, with the higher evaporation rate and thus much stronger 

cooling effect, the temperature difference between the ambient air and the droplet is 0.9˚C 

under the 23.2% humidity as shown in Fig. 5.3-23(a). 

 

 

 (a) (b)  (c) 

Figure 5.3-23 Simulation results showing the temperature distributions during the droplet 

evaporation for humidity conditions of (a) 23.2%, (b) 52.2%, and (c) 94.7% (Case D, 

V=2.4 μL, θc=147.3˚, ks=149 W/m-K, Tꝏ=23.3˚C) 

 

5.4 SUMMARY 

In this chapter, the sessile droplet evaporation process was numerically and 

experimentally investigated. A CFD model was presented to simulate the heat and mass 

transfer in the droplet evaporation system. The model prediction for the evaporation rate 
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agreed well with the experimental data within ±11.9% accuracy. The effects of the 

Marangoni stress and the natural convection on the evaporation process were quantitatively 

analyzed with the CFD model. The heat and mass transfer process during the droplet 

evaporation was comprehensively studied for varying parameters: droplet contact angle, 

substrate thermal conductivity, and ambient humidity. 

(1) The Marangoni convection enhances the evaporation rate up to 10.2% with the 

strong liquid mixing while the enhancement due to natural convection is 

negligible which was less than 1.5% for the droplet volume range less than 

2.4μL with a contact angle of 147.3˚. The Marangoni stress has a dominant 

effect on the flow pattern in the liquid and gas domains whose direction is from 

the three-phase contact line to the droplet apex along the liquid-gas interface. 

(2) In the range of hydrophobic contact angles, the evaporation rate increases with 

the decrease in the contact angle because of the enhanced solid-liquid contact 

area and thus better heat transfer from the substrate. In the range of hydrophilic 

contact angles, on the other hand, the evaporation rate decreased as the contact 

angle decreased due to the thick layer of high vapor concentration over the 

entire droplet caused by the isothermal temperature distribution and the high 

curvature radius of the droplet having a low contact angle. 

(3) With an increase in the substrate thermal conductivity, the droplet evaporation 

rate increased because of the better heat transfer from the solid substrate. The 

maximum evaporative mass flux occurs on the contact line with the heat 

transfer from the substrate. As the substrate thermal conductivity decreases, the 
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heat transfer from the solid substrate becomes less effective and the peak of the 

mass flux on the contact line diminishes. 

(4) The evaporation rate of droplet decreases linearly as the ambient humidity 

increases. With the decrease in the ambient humidity, the droplet temperature 

decreases due to the evaporative cooling effect. On the other hand, as the 

ambient humidity increases, the temperature difference between the droplet and 

the ambient air decrease because of the limited evaporation.  
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6 CONCLUSIONS 

The thin-film evaporation in porous media and a sessile droplet was experimentally 

and numerically studied in this dissertation. 

In Chapters 2 and 4, a mechanical-capillary-driven (hybrid) two-phase loop (HTPL) 

was used as a test platform to study the capillary-driven thin-film evaporation at a system 

level. In Chapter 2, it was found that there are three distinctive evaporation modes in the 

evaporator: flooded, partially flooded, and capillary; the evaporation modes are determined 

by a pressure relation between the liquid chamber, vapor chamber, and evaporator wick 

base. The evaporation mode is shifted from the flooded to partially-flooded to capillary 

mode by increasing heat input, reducing pump liquid flow rate, and/or increasing heat sink 

temperature. The operating range of the capillary mode of the thin-film evaporation is 

extended by reducing the pressure drop along the liquid supply path to the evaporator wick 

base and increasing the capillary pressure head in the wick base. Lowering heat sink 

temperature increases the thermal resistances in the system, especially in the vapor line. 

By increasing the pump flow rate, and therefore the liquid pressure in the liquid chamber, 

the capillary limit approaches the boiling limit. 

In Chapter 3, a loop thermosyphon as a passive system was used to study the effects 

of the evaporator wick structure and properties on the capillary-driven thin-film 

evaporation. The relation between the liquid level in a monolayer wick and the thermal 

resistance was quantitatively analyzed by a computational fluid dynamics (CFD) model to 

determine the evaporation conditions in the evaporator. Two evaporator design 

improvements were used to investigate the effect of the evaporator wick structure and 

properties on the thermal performance : (i) monolayer wick base to reduce the evaporator 
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thermal resistance; (ii) tubular wick post to reduce the pressure drop of the liquid supply, 

and thus increase the capillary heat flux limit. The lowest measured thermal resistance of 

the monolayer wick base is 0.097 K-cm2/W which is 50% less than that of the multilayer 

wick base. The predicted capillary limit of the evaporator with the monolayer wick base 

and tubular wick posts as the best evaporator design is 309.8 W/cm2 for an elevation 

difference of 47 cm. 

In Chapter 4, an active flow control for the mechanical pump was used to 

investigate the effect of the capillary pressure head in the evaporator on the evaporation 

mode transition using the same HTPL setup used in Chapter 2. It was shown that the 

operating range for the capillary mode is expanded by controlling the mechanical pump 

flow rate and the flow resistance in the liquid return line. The active flow control extended 

the operating range of the capillary mode by 182.8% and reduced the pumping power by 

48% compared to the constant pump flow case. The active flow control algorithm was 

robust and reliable to handle a dynamic heat input cycle using between 0 (off) and 157.3 

W/cm2 (on) and keep the capillary pressure head around the preset value without 

temperature overshooting. 

In Chapter 5, the surface evaporation of a sessile water droplet on solid substrates 

in ambient was numerically and experimentally investigated. A CFD model was used to 

simulate the conjugate heat and mass transfer for an evaporating droplet on solid substrates 

the simulation results were in good agreement with the experimental data. The 

thermocapillary-driven internal flow (Marangoni convection) enhances the internal liquid 

mixing, and therefore significantly enhances the evaporation rate, while the effect of 

natural convection on the internal liquid mixing and evaporation is relatively less 
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significant. The Marangoni stress also has a significant effect on the flow fields in the gas 

domain. The droplet with smaller (hydrophilic) contact angles has a lower evaporation rate 

because of the thick layer of high vapor concentration over the entire droplet surface. The 

heat transfer from the substrate to the droplet is the limiting factor for the droplet 

evaporation, especially along the contact line (solid-liquid-gas interface). 
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 APPENDIX A: INTERFACIAL EVAPORATION THERMAL 

RESISTANCE 

The evaporation heat transfer rate (qfg) across the liquid-vapor interface is given by 

,

ev
fg

t ev

T
q

R


= . (A-1) 

The evaporation heat transfer rate in a liquid-vapor interface can be expressed by the kinetic 

theory [71] and is given by 

1 2
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fg ev fg ev

M
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RT
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where R, M, and Aev are the universal gas constant, molar mass of water and evaporation 

area ( ev H wp wpA A N A= − ), respectively. Δpev is the pressure drop due to evaporation and 

can be determined by the Clausius–Clapeyron relation for vapor and liquid phases [71] and 

is given by 

5

fg v

ev ev

h
p T

T


 =  . (A-3) 

Substituting the Clausius-Clapeyron equation into Eq. (A-2), the evaporation heat transfer 

is given by 
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Substituting Eq. (A-4) into Eq. (A-1), the thermal resistance of the evaporation heat transfer 

is given by 
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APPENDIX B: SINGLE AND TWO-PHASE FLOWS IN A 

CIRCULAR TUBE 

The friction pressure drop in a circular pipe of single-phase (either liquid or vapor) 

flows is given by 

2

22
fr

f L m
p

d A
 =

, (B-1) 

where f, L, d and A are the Darcy’s friction factor, pipe length, pipe diameter and cross-

sectional area of a fluid flow, respectively. The Darcy’s friction factor can be calculated 

using the Churchill’s friction relation [87] and is given by 
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where Re is the Reynolds number of circular tube flow. ε is surface roughness which is 

assumed to be zero in this study. The Reynolds number of a flow in a pipe is given by 

4
Re

m

d
=

, (B-5) 

where μ is the dynamic viscosity of a fluid. 

When the evaporator is either flooded or partially flooded, an excessive liquid [ exm  

in Eq. (2-7)] enters into the vapor line (between Nodes 6 and 7 in Fig. 2.1-1) forming a 

vapor-liquid mixture flow. The Lockhart and Martinelli approach was used to analyze a 

pressure gradient of the two-phase mixture flow [88]. The frictional pressure gradient for 
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the vapor-liquid mixture flow is determined using a two-phase multiplier (ϕl) [89] and is 

given by 

( )

( )
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where ( )/
fr

dp dL  is the frictional pressure gradient of the two-phase mixture flow and 

( )/
l

dp dL  is the frictional pressure gradient that would result if the liquid flows alone. A 

Lockhart-Martinelli parameter is given by 
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where ( )/
v

dp dL  is the frictional pressure gradient that would result if the vapor flows alone. 

Yu’s correlation [90] is employed to correlate the two-phase multiplier with the Lockhart-

Martinelli parameter and is given by 
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APPENDIX C: CAPILLARY PRESSURE CALCULATION 

C.1 MONO-SIZE PARTICLES IN SQUARE PACKING FOR 

MULTILAYER WICK 

When a meniscus (liquid-vapor interface) is created in a pore of an evaporator wick, 

the capillary pressure head, defined as pv-pl, can be calculated by the Young-Laplace 

equation [11] and is given by 

,1 ,2

1 1
c l

c c

p
r r


 

 = +  
  , (C-1) 

where σl is the surface tension of liquid and rc,1 and rc,2 are the principal radii of the 

curvature of the meniscus, respectively. By assuming the meniscus in a spherical shape, 

the principal radii are equal, i.e., rc,1=rc,2, and then Eq. (C-1) is reduced to 

2 l
c

c

p
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The minimum horizontal length of the meniscus [11] between mono-size spherical 

particles in a square packing, shown in Fig. C-1(a), is given by, 

( ),min 2 2 1h wbL r= −
, (C-3) 

where rwb is the radius of the particle. The curvature of the spherical meniscus, shown in 

Fig. C-1(b), is given by 

,min0.5
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L
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where θc is a contact angle. The contact angle (θc) of water on an oxidized copper surface 

is 42.8° [34], which was used to calculate the capillary pressure head in the monolayer and 

multilayer wick bases in this study. By incorporating Eqs. (C-3) and (C-4) into Eq. (C-2), 

the maximum capillary pressure head is given by 
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2 cos

0.41

l c
c

wb

p
r

 
 = . (C-5) 

Eq. (C-5) was used to calculate the capillary heat flux limits of the evaporator Design A 

using a multilayer wick base [Figs. 3.1-2(a) and 3.4-4(a)]. The dimensions and properties 

of the multilayer wick base are listed in Table 3.1-2. The calculated maximum capillary 

pressure (Δpc,max) of the multilayer wick is 4.48 kPa. 

   

 (a) (b) 

Figure C-1 (a) Top and (b) side views of the meniscus between the mono-size spherical 

particles in square packing 

 

C.2 MONO-SIZE PARTICLES EMBEDDED IN MESH WIRE 

The monolayer wick base used for Designs B and C is constructed of a single layer 

of copper wire mesh filled with copper spherical particles as shown in Fig. 3.1-4. Due to 

the complex geometry, the capillary pressure head (Δpc) of the monolayer wick base was 

geometrically estimated using 3D models of a unit cell [Fig. 3.3-1(a)] with different liquid 

heights. Using the dimensions of the horizontal planes of the 3D models for the liquid-

vapor interface (meniscus), the curvature of the meniscus was estimated for the calculation 

of the capillary pressure head of the evaporator wick bases as follows. 



152 

Figure C-2(a) shows the 3D model of a unit cell of the monolayer wick base with 

50.3 μm liquid height. The menisci at four corners (I-IV) between the solid phases (particle 

and mesh wires) in the unit cell were considered for the calculation of the capillary pressure 

head was calculated as follows. 

(i) Determine two principal axes of the menisci (liquid/vapor interface) formed 

between wires and a particle. Four principal menisci (I-IV) at the corners of 

the opening of the wire mesh for the liquid height of 50.3 μm are shown in 

Fig. C-2(a). 

(ii) Find a point on solid-liquid-vapor interface of the meniscus I with the 

longest distance from the center point of the particle. Draw one of the two 

principal axes between the two points and measure its length (Lh,1,I). 

(iii) Draw the second principal axis as a perpendicular bisector of the first 

principal axis and measure its length (Lh,2,I) 

(iv) Calculate principal radii of curvature (rc,1,I and rc,1,I) using the two principal 

horizontal lengths (Lh,1,I and Lh,2,I) by Eq. (C-4). 

(v) Calculate the capillary pressure head of the meniscus I by Eq. (C-1). 

(vi) Repeat the steps (ii)-(v) for other menisci (II, III, IV). 

(vii) Calculate an average capillary pressure head of the menisci (I-IV). 

Fig. C-2(b) shows the capillary pressure head of the monolayer wick for different 

liquid height (δl). When the liquid level is above 106.6 μm, i.e., the wick is submerged in 

the liquid, the capillary pressure head is zero. As the liquid height decreases below 106.6 

μm, the capillary pressure head increases due to a decrease in the principal radii of the 

curvature of the menisci [rc in Eq. (C-1)]. Below 50.3 μm, the capillary pressure head 
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decreases due to an increase in the principal radii of the curvature of the menisci. The 

maximum capillary pressure head is 7.59 kPa for 50.3 μm liquid height, where the 

curvature meniscus is the largest. The maximum capillary pressure head was used to 

calculate the capillary heat flux limit (dryout) of the monolayer wick in Design B [Figs. 

3.1-2(b) and 3.4-5(a)] and Design C [Figs. 3.1-2(c) and 3.4-6(a)]. 

 
(a) 

 
(b) 

Figure C-2 (a) Liquid portion in the monolayer wick base showing principal horizontal 

lengths of menisci at a liquid height of 50.3 μm and (b) capillary pressure head of the 

monolayer wick base for different liquid heights 
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APPENDIX D: PRESSURE LOSS CALCULATION 

The pressure relation between the liquid chamber (p3) and the liquid chamber outlet 

(p4) is given by 

3 4 ,3 4fp p p −= +  , (D-1) 

where Δpf,3-4 is the pressure loss in a circular tube in the liquid chamber outlet, which is 

given by 

2
3 4 3 4

,3 4 2
,3 4 ,3 4

2 4

r
f

i l i

f L m
p

d d 

− −
−

− −

 = , (D-2) 

where L3-4 and di,3-4 are length and inner diameter of the outlet tube of the liquid chamber 

outlet. The dimensions of the outlet tube of the liquid chamber are listed in Table 3.1-3. ρl 

is density of liquid water and ṁr is the mass flow rate in the liquid return line measured 

from the flow meter [Fr in Fig. 4.1-1(a)]. f is the Darcy’s friction factor calculated by the 

Churchill’s friction relation [91], given in Eq. (B-2). The pressure relation between the 

liquid chamber (p3) and the evaporator wick base (ptp) below the tubular post is given by 

3 ,3tp f tpp p p −= −  , (D-6) 

where Δpf,3-tp is the pressure drop between p3 and the ptp, which is given by 

,3 3 ,3f tp tp f tpp m R− − − = , (D-7) 

where Rf,3-tp is the flow resistance between p3 and ptp and ṁ3-tp is the mass flow rate in a 

tubular post. A uniform flow distribution in tubular posts are assumed in this study, 

therefore, the flow rate in a post is given by 

3

p r

tp

tp

m m
m

N
−

−
= , (D-8) 

where ṁp and ṁr are the mass flow rates of the mechanical pump and the liquid return line. 

Note that ṁp- ṁr is the total mass flow rate from the liquid chamber to the vapor chamber. 
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Ntp is the number of tubular posts. The flow resistance between p3 and ptp is calculated by 

the Darcy’s law [11], which is given by 

,3 2
,0.25

tp l

f tp

tp i l tp

R
d K

 

 
− = , (D-9) 

where δtp and dtp,i are the length and inner diameter of the tubular post. µ l and ρl are the 

dynamic viscosity and density of water. Note that 
2

,0.25 tp id  is the cross-sectional area of 

the tubular post. Ktp is the permeability of the tubular post. The dimensions and properties 

of the tubular post are listed in Table 3.1-3. 

The supplied liquid in the evaporator wick base [ptp in Fig. 4.1-1(b)] spread on the 

entire evaporator wick by capillary action. The pressure drop due to the lateral flow in the 

evaporator wick base is calculated by Darcy’s law, which is given by 

5 , ,tp v f wb ltp p m R= − , (D-10) 

where p5 is the liquid pressure under the meniscus located in the middle of two diagonal 

neighbor posts. Rf,wb,lt is the flow resistance for the lateral flow in the evaporator wick base, 

which is given in Eq. (3-12). In Chapter 3, the permeability of the monolayer wick base 

was numerically calculated for varying liquid levels. The minimum permeability of 

7.19×10-12 m2 at 62.5 μm liquid level were used for the capillary pressure calculation in 

Chapter 4. The dimensions related to the monolayer wick base are listed in Table 3.1-3. 

The evaporation rate on the monolayer wick base is given by 

fg

v

fg

q
m

h
=


, (D-12) 

where qfg is phase change heat transfer rate and Δhfg is the latent heat of vaporization, 

respectively. The phase change heat transfer rate is calculated by energy balance in the 

evaporator, which is given by 
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fg in sc leakq q q q= − − , (D-13) 

where qsc is the heat transfer rate for subcooling which is the sensible heat transfer rate 

from liquid chamber to the evaporator. qleak is the heat leakage from vapor chamber to the 

liquid chamber, which is given by 

( ), 4 2leak r p lq m c T T= − , (D-14) 

where T2 and T4 are inlet and outlet temperatures of the liquid chamber and cp,l is the 

specific heat capacity of liquid water. The heat transfer rate for subcooling is given by  

( ) ( ), 6 4sc p r p lq m m c T T= − − , (D-15) 

where T6 an T4 are temperatures in the vapor chamber and the liquid chamber outlet, 

respectively.  
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